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NUMBER OF PAGES: xxii, 120

ii



Abstract

Hot tearing is one of the most severe defects encountered in direct chill (DC) casting

of aluminum alloys and is intimately linked with the constitutive behavior of the

alloy in the semi-solid region. The experimental studies in this field are limited due

to the high temperature at which hot tears form and the sensitivity of factors that

cause hot tearing to the casting geometry; thus, modeling of the DC casting process

at the macroscopic scale has become a popular practice in industry. However, such

models do not consider the localization of deformation and liquid feeding between the

grains that cause cracking. In this study, a new multi-scale approach to predicting the

hot tearing defect in DC casting is proposed. In this approach, a thermomechanical

model of the DC casting process [1] has been coupled with a meso-scale coupled hydro-

mechanical granular model [2]. The thermomechanical model predicts the evolution

of temperature distribution and displacement field for all locations within the DC

cast billet for three different simulation cases with casting speeds of 46 mm.min−1, 56

mm.min−1, and 66 mm.min−1. Then, its output is used as input to the coupled meso-

scale hydro-mechanical granular model to investigate the effect of different parameters

on the tensile behavior of the mushy zone. The results show that the multi-scale

approach can successfully simulate hot tearing formation at the regions in the DC

cast billet which were found to be susceptible to hot tearing. Moreover, hot tearing
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susceptibility maps generated by this approach reveal that for the three DC casting

simulations performed, the condition for hot tearing formation is favorable above the

bottom block and near the centerline of the billet and as the casting speed increases,

this region shifts to lower heights in the billet and a greater region becomes prone to

hot tearing.
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Chapter 1

Introduction

1.1 Aluminum Alloys

Aluminum is the most widespread metal in nature, and it makes up more than 8

percent of the earth’s crust. There is no source of pure aluminum and it can only

be found in combination with oxygen and other elements. Production of aluminum

from its ore, known as bauxite, is based on the use of electrical energy and costs

a lot of money. In the 19th century, due to the difficulty of refining aluminum, it

was considered even more scarce and valuable than gold! However, as time passed,

the price of aluminum dropped owing to the invention of the Hall-Héroult process

in 1886, and the advancement of renewable energy resources. In the 21st century,

aluminum is the second most widely used metal after steel and is a part of the ongo-

ing development of many industries such as transportation, construction, electronics,

and packaging [3, 4]. The addition of alloying elements significantly alters the mi-

crostructure and mechanical properties of pure aluminum, providing its alloys with

valuable properties. Aluminum alloys are lightweight, corrosion resistant, formable
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and highly conductive to heat and electricity. All these properties make aluminum

alloys an essential part of our everyday life. One of the most important characteris-

tics of aluminum alloys is their recyclability. Since aluminum is corrosion resistant,

it can be easily remelted and used again and again. Recycling of aluminum products

such as automotive parts and beverage cans needs less than 10 percent of the energy

required to produce aluminum from its ore [5].

Aluminum alloys are categorized into two main groups, cast alloys and wrought

alloys. Cast aluminum alloys are used when the aim of the process is to cast near-net

shape products. In such processes, the molten metal is poured into a mold, which

can be made of sand, an alloy with much higher melting temperature, foam, etc.

According to the American Society for Testing and Materials (ASTM), cast alloys

are shown with a four-digit number with a decimal point before the fourth digit.

The first digit indicates the major alloying element, the second and third digits are

arbitrary, and the decimal indicates whether the product form is casting or ingot.

Table 1.2 lists the standard designation for cast aluminum alloys [3].

Table 1.2: The standard designation for cast aluminum alloys [3]

Series Alloying elements

1xx.x Unalloyed compositions

2xx.x Copper

3xx.x Silicon plus copper and/or magnesium

4xx.x Silicon

5xx.x Magnesium

6xx.x Not used

7xx.x Zinc

8xx.x Tin

9xx.x Other elements
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Wrought aluminum alloys are used to produce large rectangular ingots or cylin-

drical billets, which are subjected to further fabrication processes such as extrusion,

rolling, forging, drawing, etc. The most important advantage of wrought aluminum

alloys is their combination of high workability and ability to fabricate different prod-

ucts like sheet, tube, rod, wire, extrusions and so on. As shown in Table 1.3, the

American Society for Testing and Materials (ASTM) has classified wrought aluminum

alloys based on the main alloying element into 9 main groups. In this designation

system, each alloy is identified by a four-digit number [3].

Table 1.3: The standard designation for wrought aluminum alloys [3]

Alloy Main alloying element

1xxx Mostly pure aluminum; no major alloying additions

2xxx Copper

3xxx Manganese

4xxx Silicon

5xxx Magnesium

6xxx Magnesium and silicon

7xxx Zinc

8xxx Other elements (e.g., iron and silicon)

9xxx Unassigned

1.2 Direct Chill Casting of Aluminum Alloys

In the mid 1930s, the main process of fabricating large extrusion billets and rolling

ingots was permanent mold casting in which the molten metal was poured into a large

mold. However, with the increasing demand for larger castings as well as structural

issues including a low heat extraction rate, air gap formation, and turbulence during

3
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pouring, a new process-the direct chill casting process- was invented [6]. Based on the

mold orientation, the DC (direct chill) casting process is classified into two groups of

HDC (horizontal direct chill) casting process and VDC (vertical direct chill) casting,

which is the predominant method [7].

Figure 1.1: Simple layout of a typical vertical direct chill casting setup [8].

As schematically shown in Fig. 1.1, VDC casting installation mainly consists of

a bottomless water-cooled mold having a desired cross-section and a bottom block

connected to a hydraulic ram. At the beginning of the process, the bottom block

and the mold create a closed space. The superheated alloy is melted in a resistance

tilting furnace, then directed to flow through a degasser and a filter to get rid of the

dissolved hydrogen and solid impurities, respectively, before entering the mold [8].

The superheated alloy is continuously poured into the mold from the top with a
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specified rate and loses heat in contact with the mold and bottom block. The outer

part of the alloy solidifies and creates a solid shell. When the solid shell is strong

enough to hold the metal in the center that is not solidified yet, the bottom block

moves downward at a prescribed rate, known as casting speed. The part of the casting

that is not in contact with the mold anymore is cooled down by water sprays impinging

directly on the surface of the billet. When the billet reaches the desired height, liquid

feeding from the top is stopped and the billet is removed from the casting setup. The

operation is then repeated for the next casting [9, 10]. A schematic of the DC casting

process is illustrated in Fig. 1.2.

Figure 1.2: A schematic of aluminum billet DC casting process.

During the DC casting process, the metal is subjected to different cooling condi-

tions. First, the metal is chilled in contact with the water-cooled mold as well as the

bottom block, known as primary cooling. As the bottom block moves downward, the
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metal is cooled down directly via water sprays bellow the mold, known as secondary

cooling. The water sprays remove 80 to 95 percent of the heat during the casting.

Although primary cooling is only responsible for extracting 5 to 20 percent of the

total heat, it is a critical step toward ensuring that the casting itself can contain the

liquid metal below the mold exit [11, 10].

From the perspective of heat flow, the DC casting process can be divided into three

phases. The “start-up” phase starts with the beginning of the DC casting process;

it is relatively short (several minutes) with respect to the total casting time and is

characterized as having temperature fields that vary with both time and position.

When the bottom block has moved far enough from the mold so that the billet has

reached 0.5 to 1 metre in height, the “steady state” region is achieved [12, 13]. In

this region, the thermal and mechanical field quantities remain rather constant with

respect to the cast length. Finally, when the bottom block movement and molten

metal feeding from the top are stopped, the casting experiences a transient condition

again called “end phase” [14]. It is required to distinguish between different phases

due to the fact that the temperature distribution determines the final quality of the

casting, as it controls the position of solidification front, as well as the cooling rate,

stress and strain evolution within the casting [8].

1.3 Solidification Defects in DC Casting

Although the DC casting process might sound straightforward in principle, many

production problems associated with the process have been observed, which can affect

the quality of the final product. Hence, it is essential to pay a special attention

to controlling process parameters, namely, casting speed, cooling water flow rate,
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pouring temperature, cast dimensions, and mold design. The start-up phase of the

DC casting is the most critical phase because of its transient nature. During the

start-up phase, different parts of the billet are exposed to variable cooling condition,

which gives rise to the formation of several defects.

DC cast products exhibit two types of cracks. Hot tears, which initiate if the

restricted feeding of molten metal is combined with the tensile stresses and strains

generated in the billet due to inhomogeneous contraction in the start-up phase before

the solidification ends. This defect will be extensively addressed in Chapter 2. Cold

crack is another type of crack, which also occurs due to high thermal stresses, but

after the alloy is fully solidified and in lower temperatures [15].

When the molten metal first solidifies in contact with the bottom block, it shrinks

and lifts off the bottom block. The phenomenon that deforms the bottom of the

billet is known as “butt curl” and results in reduced rigid standing or instability of

the billet. As butt curl occurs, the solidified shell loses its support from the bottom

block and the mold; therefore, the molten metal will tear up the billet shell due to

high temperature of the liquid pool and the metallostatic pressure and causes “bleed-

out” or “run-out”. If the molten metal comes into contact with cooling water as a

result of bleed-out, explosion can occur [16, 8].

One of the other major defects associated with DC casting of aluminum alloys,

which has a detrimental effect on mechanical properties and especially fatigue resis-

tance is microporosity. During solidification of aluminum alloys, porosity is formed

due to two reasons. Firstly, since hydrogen is 10 times less soluble in solid alu-

minum than liquid aluminum, reduction of hydrogen solubility in aluminum melt as

the temperature drops causes the dissolved hydrogen to get trapped in interdendritic
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or granular regions and give rise to gas porosity. Nonmetallic inclusions, oxide films,

solidification conditions, the initial hydrogen content, and alloy composition all in-

fluence the formation of gas porosity. For instance, the addition of some alloying

elements affects the percentage porosity in DC cast billets due to the fact that they

change the hydrogen uptake in aluminum melt. Microporosity can also be attributed

to volume change occurring during solidification and lack of liquid feeding in inter-

dendritic regions [17, 18].

Another important defect occurring during the DC casting process is variation in

composition with position known as segregation. Unlike pure metals, which solidify

at a constant temperature, solidification of alloys occurs over a range of temperatures

and compositions. The difference between the solubility of the alloying elements in

solid and liquid causes chemical inhomogeneity. If the variation in composition oc-

curring in a casting ranges from several millimeters to meters, it is called macroseg-

regation; however, nonhomogeneous structure can also occur on the scale of grains,

which is known as microsegregation [19].

1.4 Simulation of DC Casting Process

The DC casting technology has been studied for a long time; however, many chal-

lenges associated with the process still exist. As briefly explained in the previous

section, the process is susceptible to the formation of several types of defects, which

have detrimental effects on the mechanical properties of semi-fabricated and finished

products. In addition, the modification of defects during downstream processing op-

erations is not an easy task. Therefore, it is vital to control the cast structure as

well as prevent the formation of defects during the casting process. Several process
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variables such as casting speed, cooling water flow rate, melt temperature, the cast

alloy, and bottom block geometry contribute to the final product quality; thus, the

optimization of the process with the purpose of improving product quality, productiv-

ity and cost-efficiency is of great importance. From the processing standpoint, many

defects arising during the course of solidification are related to the casting geometry

and may not be observed in lab-scale experiments. Over the past few years, computer-

based modeling has provided a valuable means to improve the DC casting process in

terms of process optimization and prediction of defects. As the computational mod-

els mature, more process details can be simulated and consequently the trend toward

implementing computer simulation rather than conducting experimental studies in-

creases. Prediction of hot tearing using numerical methods has attracted considerable

attention due to the severity of the issue, which can cause the whole casting to be

rejected. This master’s thesis focuses on predicting hot tear formation in DC casting

of aluminum alloys by implementing an elaborate computational modeling technique.

In the next chapter, a review of the relevant literature will be presented [20, 21, 22].
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Chapter 2

Literature Review

2.1 Hot Tearing

Hot tearing, also known as hot shortness, hot cracking or hot brittleness, is one of

the most severe and unrecoverable defects encountered in casting operations and can

be seen inside or on the surface of DC cast billets and ingots. Hot tearing is a serious

quality issue in the DC casting of aluminum alloys, which can cause the DC cast

round billets and rectangular ingots to be entirely rejected or large amounts of scrap

to be remelted [23, 22].

As explained by Campell [24], a hot tear is a branching crack and it consists of a

main tear and several minor offshoots that can be seen on intergranular paths using

optical microscopy. Hot tears develop in locations where strain is highly concentrated

within the casting. There is no certain condition for the formation of hot tears and

for different castings with the same conditions, it is not guaranteed that hot tears

would initiate and propagate in all them. Schematics of hot cracks at the central

region of an extrusion billet and a cracked rectangular ingot are shown Fig. 2.1 (a)
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and (b), respectively.

Figure 2.1: Examples of hot tearing in aluminum alloys; (a) extruded billet, (b)
rectangular ingot [25, 26].

While pure metal solidifies at a constant temperature, alloys solidify over a range

of temperatures known as solidification range or freezing range. In other words,

during the solidification of alloys, there is a region in which solid and liquid phase

coexist. The alloy in such region is described as “semi-solid”, which is classified

into two types of “slurry” and “mush”. At lower solid fractions, solidified grains are

suspended in liquid which is called slurry. Below a specific temperature, known as

“coalescence temperature”, solid grains come into contact with each other and the

semi-solid material develops certain strength. The semi-solid below this temperature

is known as mush. Based on the morphology of solid particles, the transition from

the slurry to the mush occurs between 0.25-0.6 solid fraction [27, 28].

Hot tears initiate during the transient start-up phase in the mushy zone at high

solid fractions after the coalescence temperature has been reached. It is generally

believed there are two main reasons behind the formation of hot tears. First, due

to uneven cooling condition in the start-up phase, different regions of the casting

experience a non-uniform contraction, which causes the billet to be subjected to
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tensile stresses and strains generated by thermally-induced deformation. Second,

because of the solidification shrinkage, it is difficult for liquid to flow in interdendritic

regions at high solid fractions. Consequently, dry intergranular regions will tear apart

as a result of tensile deformation [4, 29]. Fig. 2.2 illustrates a schematic description

of hot tearing formation in the semi-solid region.

Figure 2.2: Schematic of the semi-solid region showing factors affecting hot
tearing [30].

In order to explain hot tearing, an alloy’s behavior in the semi-solid region should

be understood. Considering permeability of the solid structure to be the governing

factor, Clyne and Davis [31] divided the solidification process into four stages as

shown in Fig. 2.3:

a Mass feeding: in this stage, which corresponds to liquid fraction of slurry, solid

particles and liquid are both free to move.
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b Interdendritic feeding: in this stage, which occurs at higher solid fractions than

mass feeding stage, a continuous dendritic network is formed; therefore, the

solid is no longer free to move, but liquid has to flow through the dendritic

network to compensate for stress accumulation.

c Interdendritic separation: in this stage, the semi-solid is susceptible to hot tear

or pore formation, the solid fraction is high and thus the low permeability of the

solid skeleton prevents the liquid flow. Therefore, further thermal contraction

of the solid results in hot tear or pore initiation.

d Interdendritic bridging: in this stage, the structure has developed moderate

strength and solid state creep compensates for further contraction.

Figure 2.3: Schematic of typical microstructure correspond to four stages of
solidification: (a) mass feeding, (b) interdendritic feeding, (c) interdendritic

separation, and (d) interdendritic bridging [32].

2.2 Hot Tearing Mechanism

Hot tearing is a complicated defect attributed to the combination of different trans-

port phenomena, i.e. fluid flow, mass flow and heat flow in the mushy zone. Therefore,
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a good understanding of the behavior of the as-cast material is necessary. Many au-

thors have studied the phenomenon and proposed different mechanisms addressing

the problem of hot tearing. Moreover, in order to predict hot tearing formation,

various criteria have been developed [33]. In the following, the most important hot

tearing theories are discussed.

Hot tearing investigations date to the 1920’s when Korber and Schitzkowski [34]

carried out a study addressing hot tearing in carbon steels. It is a widely held view

that the occurrence of hot tearing is due to development of shrinkage as well as

thermally and mechanically driven deformation during the solidification of alloys.

However, there is no agreement on the parameter controlling this defect. Some re-

searchers believe that the stress is the main parameter. On the other hand, other

researchers consider strain, strain rate, or other factors as the most significant deter-

minants accounting for the phenomenon [35].

In 1936, Verö [36] reported that hot tearing in aluminum alloys is a consequence

of the formation of a coherent dendritic network in the last stage of solidification

leading to stress accumulation as solidification proceeds. In addition, Verö proposed

that the remaining eutectic liquid is capable of healing the primary tears.

In 1948, Pumphrey et al. [37] studied hot cracking in welding processes. They

brought up a new term called “brittle temperature region”, i.e. the range between

the temperature at which a coherent dendrite network is developed and the solidus

temperature. They proposed that hot tear formation is due to the thermal contraction

and stress accumulated in the material and is likely to occur in this region as a result

of little ductility of the material near the end of solidification. They also stated that

the development of hot tears is linked to the remaining residual liquid.
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After studying hot tear formation in Al-Cu alloys using X-ray radiography and

thermal analysis, Pellini (1952) [38] suggested that the initiation of hot cracks is a

strain controlled phenomenon and occurs above the solidus temperature, where the

remaining liquid is as low as it creates a thin continuous liquid film covering the solid

skeleton. In his theory that is based on the strain localization in intergranular regions,

hot tears will develop when the accumulated strain in a liquid film exceeds a critical

value. Moreover, Pellini noted the importance of strain rate and liquid film life on

the occurrence of hot tears.

In 1960, Rosenberg et al. [39] considered the lack of liquid feeding between the

grains at high solid fraction as the main reason for hot tearing occurrence. Later,

a number of porosity and hot tearing criteria, which are described in Section 2.4 of

this chapter were developed. These criteria are based on pressure depression in the

mushy zone associated with hindered feeding of the solid phase by the liquid [40, 41].

In 1962, Prokhorov [42] suggested that hot tearing is a strain rate-controlled phe-

nomenon. He believed that if a certain amount of time is given to the material in

the semi-solid state, it can accommodate strain by different mechanisms. Therefore,

if the material is subjected to deformation at a high rate, hot tears would develop.

In 1991, Campbell [24] believed that hot tearing occurrence is a result of uni-axial

tensile stresses and theories based on lack of liquid feeding are unable to explain the

phenomenon. In his view, feeding difficulties cause tri-axial stress, which leads to

porosity formation.

In 2005, Fredriksson et al. [43] postulated that hot tearing results form the super-

saturation of vacancies occurring during solidification processes. They proposed that
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the energy level of the solidified alloy is significantly higher than providing equilib-

rium values, which can be explained by the formation of vacancies and lattice defects

during solidification. Consequently, any stress or strain accumulation would cause

the condensation of vacancies leading to crack initiation and growth [44].

Among the above-mentioned mechanisms proposed to explain the hot tearing phe-

nomenon, in recent years, mechanisms based on limited feedability of the mushy zone

in combination with deformation of the semi-solid skeleton have been widely accepted

by several researchers. However, the main concern of the casting industry, i.e. quan-

titatively predicting hot tearing formation in different casting processes, remains.

2.3 Hot Tearing in DC Casting

Hot tears are known to develop in the hot spots of the casting, where the casting is

about to finish solidifying and tensile strains are localized. If we want to classify hot

tears associated with the DC casting process based on their location, three types of

cracks, namely, internal, surface, and butt cracks, have been observed. Internal cracks

occur because the solidified shell keeps the entire billet from contracting; consequently,

shrinkage in the central part of the billet experiences tensile stresses which results

in crack formation. The formation of the air gap reduces the heat transfer rate

at the surface of the casting; therefore, as a result of high melt temperature, the

solidified shell might melt and create a hot spot, which becomes in tension due to the

secondary cooling and gives rise to surface crack initiation. Butt cracks are caused

by the thermal stresses associated with the heat extraction through the mold and the

bottom block [45, 46].
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2.3.1 Parameter Sensitivity

There are several parameters critical to the formation of hot tearing in DC casting.

However, all parameters can be divided into two major groups of Alloy Parameters

and Processing Parameters. In the following, the most important parameters of each

group are briefly discussed.

2.3.1.1 Alloy Parameters

As reported by several systematic studies carried out since the 1930s, the alloy chem-

istry affects hot tearing in different ways [36]. Grain morphology and its size are

among alloy parameters affecting hot tearing. Many studies suggested that grain

refinement has a positive impact on hot tearing resistance in general. The study

conducted by Warrington et al. [47] on DC cast aluminum 7050 and 7010 alloys

showed that the addition of grain refiners changes the grain structure from columnar

to equiaxed-dendritic grains and consequently decreases hot cracking vulnerability.

However, by adding more grain refiner, more cracks appeared, which was explained

to be due to the decrease in the permeability of the mushy zone [48].

According to the study conducted by Pumphrey et al. [49] on six aluminum bi-

nary alloys, i.e. Al-Mg, Al-Cu, Al-Fe, Al-Si, Al-Zn, and Al-Mn using the ring casting

test, the amount of alloying element influences the length of the cracks appearing

on the ring surface. They observed that the crack length for all mentioned systems,

first increased and then decreased by further addition of the alloying element to pure

aluminum. It was noted that the chemistry determines the grain morphology; increas-

ing the amount of alloying elements changes the grain morphology from columnar to
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equiaxed, which is less prone to cracking [49]. Fig. 2.4 (a) and Fig. 2.4 (b) illus-

trate schematic representation of a binary phase diagram with a eutectic point and

the corresponding hot tearing susceptibility curve. As can be seen, hot tearing ten-

dency as a function of alloy composition in binary eutectic systems, tends to follow

a lambda-shaped curve (λ) [50, 51], meaning that hot tearing susceptibility increases

with the weight percent of alloying element until it reaches a maximum value and

then is followed by a decrease with further addition of alloying element. Moreover,

larger freezing range leads to a greater vulnerability to hot tearing as the alloy spends

a longer time in susceptible regions [35].

Figure 2.4: Schematic representation of (a) a binary phase diagram with a eutectic
point, and (b) the corresponding hot tearing tendency curve as a function of alloy

composition [50].
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It has been also demonstrated that there is a relation between the amount of eutec-

tic and hot tearing propensity. Rosenberg et al. [39] reported that the microstructure

in which the primary grains are surrounded by thicker eutectic phase exhibits more

hot tearing resistance since the eutectic phase improves healing phenomenon or in

other words the liquid feeding [52].

2.3.1.2 Processing Parameter

Hot tearing tendency has also been studied in terms of processing parameters in-

cluding casting speed, melt temperature, and cooling water flow rate since all these

parameters influence melt flow and cooling conditions, which affect the stress induced

by thermal contraction and solidification shrinkage.

Although several studies have been conducted to examine the effect of melt su-

perheat on hot tearing defects in different casting alloys, contrary opinions have been

expressed in the literature [35]. However, in the case of aluminum alloys, most re-

searchers have agreed that the cracking tendency increases with the melt temperature.

High melt temperature increases the thermal gradient during the solidification, which

promotes the growth of columnar dendritic grains with lower hot tearing resistance

compared to equiaxed globular grains. Furthermore, high melt temperature causes

thicker liquid film leading to higher susceptibility to hot cracking [53, 54].

In agreement with industrial experience and experimental studies, hot tearing is

more likely to happen at high casting speeds due to several reasons. Larger casting

speed provides higher solidification rate and deeper mushy zone; both increase the

chance of hot tearing initiation [55]. Zheng et al. [56] observed larger columnar grains

and increasing amount of macrosegregation as a result of higher casting speed; both
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are assumed to be detrimental factors for hot tearing resistance.

Cooling water controls the heat extraction from the mold. High cooling water flow

rate causes uneven thermal contraction, meaning that the surface cools down faster

than the center which lead to accumulation of stresses and strains and consequently

hot tearing development [15].

2.4 Hot Tearing Criteria

Based on the mechanisms presented in Section 2.2, several criteria have been pro-

posed to predict hot tearing. There are various classifications of hot tearing criteria.

Here we divide hot tearing criteria into three main groups of non-mechanical crite-

ria, mechanical criteria, and criteria combining both mechanical and non-mechanical

features. In the following, a few important examples of each category are reviewed.

2.4.1 Nonmechanical Criteria

Feurer′s [41] nonmechanical criterion considered the lack of liquid feeding through the

semi-solid body as the main cause of hot tearing. He suggested that the main cause of

hot tearing can be explained by considering the competition between liquid feeding,

which is restricted due the difficulty of fluid flow through the semi-solid body in the

last stage of solidification, and solidification shrinkage. In this theory, two terms are

calculated. First, the SPV term which stands for maximum volumetric flow rate in

the interdendritic region and is defined as:

SPV =
gl

2λ2
2Ps

24πc3µlL2
, (2.1)
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where gl is the volume fraction of liquid, λ2 is the secondary dendrite arm spacing, Ps

is the effective feeding pressure, c is the tortuosity constant, µl is the viscosity of the

liquid, and L is the length of the network. The Ps term requires further equations,

i.e.:

Ps = P0 + Pm − Pc, (2.2)

with:

Pm = ρ̄gh, (2.3)

ρ̄ = ρlgl + ρsgs, (2.4)

Pc =
4γSL
λ2

. (2.5)

In Eq. 2.2, P0, Pm, and Pc are the atmospheric, metallostatic, and capillary pressure,

respectively. In Eq. 2.3, ρ̄ is the average density of the mushy zone, g is the gravita-

tional constant, and h is the distance to the melt surface. In Eq. 2.4, ρl and ρs are

liquid and solid phase densities and gl and gs are volume fraction of liquid and solid,

respectively. In Eq. 2.5, γSL is the interfacial energy between solid and liquid.

Second, the SRG term which indicates volumetric solidification shrinkage, is for-

mulated as:

SRG = (
∂lnV

∂t
) = −1

ρ̄

∂P̄

∂t
, (2.6)

where V is the volume element of the mushy zone with constant mass and t is the time.

Based on Feurer’s theory, two conditions may occur; if SPV > SRG, it means that
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there is sufficient volumetric liquid feeding through the mushy zone and hot tearing

is impossible, and if SPV < SRG, it means that liquid feeding cannot compensate

for solidification shrinkage and hot tearing is possible.

Clyne and Davis [57] proposed their hot tearing criterion based on the 4 stages

of solidification processes explained in Section 2.1 and stated that hot cracking is

due to the opening of the mushy zone in response to the strain applied during the

interdendritic separation stage. They believed that cracks forming in the last stage

of solidification cannot be healed because it is difficult for liquid to move freely to

interdendritic regions. They divided the mushy zone into two regions; mass/liquid

feeding zone (0.4 < gs < 0.9) and interdendritic separation zone (0.9 < gs < 0.99).

As shown in Eq. 2.7, the Hot Cracking Sensitivity coefficient (HCS) introduced by

Clyne and Davies is given by the ratio of the vulnerable time interval (tV ), where hot

tearing may develop and the time interval spent by the mushy zone to relief stress or

relaxation time (tR):

HCS =
tV
tR

=
t99 − t90

t90 − t40

. (2.7)

Katgerman [58] derived his criterion by combining theoretical assumptions of

Feurer and of Clyne and Davies to calculate hot cracking tendencies as a function

of alloy composition, casting speed and ingot diameter in DC casting of aluminum

alloys. Considering cylindrical coordinates, he applied a simple heat flow model of

DC casting to propose a criterion as shown below:

HCS =
z99 − zcr
zcr − z40

, (2.8)
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where zcr is the distance along the ingot axis where feeding is not allowed anymore

and is given by the height at which SPV = SRG using Feurer’s criterion and z40 and

z99 are the distances where solid fractions are 0.4 and 0.99, respectively.

2.4.2 Mechanical Criteria

Prokhorov [42] proposed a criterion by assuming that the development of strain is

caused by geometrical configuration as a result of solidification shrinkage. As the

geometry gets more complicated, the strain experienced by the material increases. He

suggested that during the solidification process there is a temperature range between

the coherency temperature and the solidus temperature known as Brittle Temperature

Range (BTR) in which the semi-solid body possesses low ductility or, in other words,

low deformation capacity. Prokhorov defined the balance condition for strain as:

εapp = εfree + εint, (2.9)

where εapp is the apparent strain, εfree is the free thermal contraction strain, and εint

is the internal strain due to configuration of the solidifying body and shrinkage. He

introduced a term called the reserve of strength, εres, which can be written as:

εres = Dmin − (εfree + εapp), (2.10)

where Dmin is the minimum ductility; if each term is divided by the brittle tempera-

ture range (∆Tbr), it reads:

εres
∆Tbr

=
Dmin

∆Tbr
− εfree

∆Tbr
− εapp

∆Tbr
, (2.11)
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i.e.:

αres = αmin − αfree − αapp. (2.12)

where α is the strain or ductility rate in terms of temperature dependence. If one

multiplies Eq. 2.12 by cooling rate (Ṫ = ∂T
∂t

), it becomes:

ε̇res = ε̇min − ε̇free − ε̇app, (2.13)

Prokhorov suggested that hot tearing develops if ε̇res ≤ 0, which means:

ε̇min − ε̇free ≤ ε̇app. (2.14)

Novikov [59] suggested a criterion based on the ductility of semi-solid non-ferrous

alloys. He proposed a term called “reserve of plasticity”, pr, which is defined as the

area between the elongation to failure (εp), and the linear shrinkage (εsh) over the

brittle temperature range (∆Tbr). Fig. 2.5 (a) and (b) show schematic of εp and εsh

as a function of temperature in a semi-solid body. Based on the relative position of

the two curves, pr reads:

pr =
S

∆Tbr
, (2.15)

where S is the area between between εp and εsh in Fig. 2.5 (a). However, if the two

curves intersect as depicted in Fig. 2.5 (b), pr is defined as:

pr =
S1 − S2

∆Tbr
, (2.16)
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Figure 2.5: Schematic representation of the relative position of elongation to failure
(εp) and linear shrinkage (εsh) in the brittle temperature range [59].

2.4.3 Combined Criteria

In 1999, Rappaz, Drezet, and Gremaud [60] proposed a simple two-phase model

by relating the tensile deformation of the mushy zone as well as the lack of liquid

feeding to hot tearing formation. At high solid fractions, due to non-uniform thermal

contraction, the dendritic network is subjected to tensile or shear stresses, which can

increase the distance between the dendrite arms. In the early stage of solidification,

liquid flow can compensate for such regions; however, at high solid fractions due to

small permeability of the mushy zone, it is not easy for the remaining liquid to fill

the gap, which gives rise to hot tearing formation. Rappaz et al. formulated their

idea by considering the liquid pressure drop, defined as the difference between the

metallostatic pressure (Pm) near the dendrite tips and the local pressure in the mush

as the main cause of crack formation. As schematically shown in Fig. 2.6, liquid

pressure decreases from its initial value at the tip to a lower value near the root of
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the dendrites. Two terms are considered to account for pressure drop in the mushy

Figure 2.6: Schematic showing the variation of liquid pressure as a function of
distance from the root of the dendrites and localization of straining at the roots in a

columnar dendritic structure [60].

zone, i.e. pressure drop associated with deformation (∆Pε) and the contribution of

shrinkage to pressure drop (∆Psh). The local pressure in the mush can then be

expressed as:

Pl = Pm −∆Pε −∆Psh. (2.17)

In order for hot tears to occur, the local pressure needs to fall below a critical cavi-

tation pressure (∆Pc), which is taken as 2 kPa by Rappaz et al. based on the work
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by Ampuero et al. [61]. The model determines the shrinkage and deformation contri-

butions to pressure drop by performing a mass balance on a small volume element of

the mush shown in Fig. 2.7.

div〈ρv〉 − vT
∂〈ρ〉
∂x

= 0. (2.18)

By assuming that liquid flows is in direction parallel with thermal gradient and the

Figure 2.7: Schematic representation of a small volume element on which the mass
balance equation is performed [60].

solid only deforms in the perpendicular direction to the thermal gradient, Eq. 2.18

can be written as:

∂(ρlglvl,x)

∂x
+
∂(ρsgsvs,y)

∂y
− vT

[∂(ρsgs)

∂x
+
∂(ρlgl)

∂x

]
= 0. (2.19)

In this model the velocity of liquid in the mushy zone can be derived as:

glvl,x = −(1 + β)E(x)− vTβgl, (2.20)
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where β is the shrinkage factor, E(x) represents the integration of gs.ε̇ over the length

of the mushy zone, i.e.
∫
gsε̇dx, and vT is the casting velocity. The velocity of the

liquid is related to the pressure gradient using Darcy equation:

glv1x = −K
µl

dp

dx
, (2.21)

where vlx represents the velocity of liquid in x direction, µl is liquid viscosity, and K

is the permeability of the mushy zone, which is defined as Carman-Kozney equation:

K =
λ2

2

180

(1− gs)
3

g2
s

, (2.22)

where λ2 is the secondary dendrite arm spacing. Finally the pressure drop associated

with shrinkage and deformation between the tip and the root of a dendrite can be

calculated as Eq. 2.23, in which the first and the second terms are the deformation

and the shrinkage contribution to the pressure drop, respectively.

pL − p0 = ∆pε + ∆psh =
180

λ2
2

(1 + β)µ

G

∫ TL

TS

E(T )gs(T )2

(1gs(T ))3
dT+

180

λ2
2

vTβµ

G

∫ TL

TS

gs(T )2

(1− gs(T ))2
dT

(2.23)

From Eq. 2.23, Rappaz et al. derived the maximum deformation rate that the mushy

zone can withstand prior to nucleation of hot tears.

Although the RDG criterion has attracted much attention in recent years, Monroe

and Beckermann [62] believed that the RDG approach has some limitations to be

used for low thermal gradient situations, when shrinkage porosity is more probable

to form than hot tears since in the formulation of the RDG criterion, hot tearing is
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predicted without considering any imposed strain rate. They reformulated the RDG

criterion based on the previous work by Carlson et al. [63] that used a dimensionless

form of the well-known Niyama criterion to predict the amount of shrinkage porosity

that forms in the casting of metallic alloys. Niyama et al. [64] defined the shrinkage

porosity index as G√
Ṫ

, where G, the temperature gradient, and Ṫ , the cooling rate

are evaluated at a temperature near the end of solidification. Niyama proposed that

for different casting alloys, there is a threshold Niyama value below which shrinkage

porosity can be observed, which implies that as the thermal gradient decreases and

cooling rate increases the condition for shrinkage porosity formation is more favorable.

The Niyama criterion is one of the simulation outputs reported by all metal casting

simulation packages; however, it is only used qualitatively and specifies regions in

a casting that are more prone to contain shrinkage porosity. Also, it is only based

on thermal parameters and solidification characteristics and properties of the casting

alloy are not taken into account. In order to overcome such limitations, Carlson et

al., developed the dimensionless Niyama criterion (N∗y ) expressed as:

∆Pcr =
βµ∆Tf
λ2

2

Ṫ

G2
Igl,cr , (2.24)

N∗y =

√
∆Pcrλ2

2

βµ∆Tf

G√
Ṫ

=
√
I(gl,cr), (2.25)

Igl,cr =

∫ 1

gl,cr

(1− gl)
2

g2
l

dθ

dgl
dgl. (2.26)

N∗y can be found from Eq. 2.25; therefore the value of I(gl,cr) is known and the

integration limit in Eq. 2.26, can be inversely determined from the value of I(gl,cr).
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Once the critical liquid fraction is determined, the final pore volume fraction (gp) is

approximated using the following relation:

gp = β′gl,cr, (2.27)

where β′ = β/β + 1 = (ρs − ρl)/ρs and β is shrinkage factor considering that the

density of solid, ρs, and the density of liquid, ρl, are constant but not equal during

solidification. (β = (ρs − ρl)/ρl). In order to investigate hot tearing, Monroe and

Beckermann added a second term to Eq. 2.24 addressing the effect of deformation in

accelerating the pressure drop:

∆Pcr =
βµ∆Tf
λ2

2

Ṫ

G2
Ish(gl,cr) +

µl(1 + β)∆T 2
f

λ2
2

ε̇

G2
Id(gl,cr), (2.28)

where Ish(gl,cr) is the shrinkage related term, and Id(gl,cr) is the deformation related

term. In this approach, instead of calculating the pressure drop across the entire

mushy zone as suggested in the RDG criterion, the critical liquid fraction at which

liquid flow ceases (gl,cr), and dimensionless Niyama criterion (N∗y ) are found respec-

tively. Then, mass conservation is applied to find the fraction of porosity resulting

from shrinkage (gp,sh) and deformation (gp,d):

gp,sh =
β

1 + β
gl,cr, (2.29)

gp,d = ε∗η∗gl,cr, (2.30)

where the term ε∗ =
∆Tf ε̇

Ṫ
called characteristic strain and can be estimated based on
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experiment results or stress simulation in casting processes and η∗ is the dimensionless

form of the integrated solid fraction across the mushy zone:

η∗(gl,cr) =

∫ glcr

0

(1− gl)
dθ

dgl
dgl. (2.31)

With this approach, Monroe and Beckermann predicted shrinkage (gp,sh) and defor-

mation pore fraction (gp,d) as a function of dimensionless Niyama criterion and strain

rate as shown in Fig. 2.8 (a) and Fig. 2.8 (b), respectively. It can be seen that for a

constant applied strain rate, deformation and shrinkage pore fraction both decrease

with the dimensionless Niyama criterion. Moreover, considering a constant Niyama

criterion, both pore fractions increase with the strain rate implying that the increase

in the applied strain rate directly affects hot tearing susceptibility.

Figure 2.8: Predicted shrinkage and deformation pore fraction in Al-3wt.%Cu alloys
(a) as a function of the dimensionless Niyama criterion with an applied strain rate

of 10−3 s−1, and (b) as a function of strain rate with a Niyama criterion value of 100
K s0.5m−1 [62].
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From the aforementioned examples of hot tearing criteria and the other available

criteria in the literature, it can be deduced that most of the hot tearing criteria are

only able to predict hot tearing tendencies qualitatively without providing any detail

about the location or severity of hot cracks.

2.5 Multi-physics Models

Hot tearing criteria predict the susceptibility of an alloy undergoing solidification

to hot tearing for a given sets of processing conditions and alloy chemistry. How-

ever, they cannot predict whether or not a crack actually forms since such criteria

are not able to predict the distribution of strain and localization of feeding at the

grain boundaries, which both strongly influence the hot tearing phenomenon [65].

In the mushy zone, where both solid and liquid coexist, a great variety of grains in

different morphologies such as columnar dendritic, equiaxed dendritic, and globular

can nucleate and grow. Therefore, it is required to investigate the phenomenon at

a more microscopic scale in order to account for intergranular and localized nature

of grains [66]. Recently, researchers have proposed the use of multi-physics models

that can directly investigate the simultaneous effect of both deformation and fluid

flow on the solidification behavior at the microscopic scale. In this regard, different

granular mechanics approaches have been suggested to link the semi-solid mechanical

behavior of a domain with equiaxed globular microstructure to simulate the evolution

of solid-liquid interface and fluid flow as a result of deformation and shrinkage.

Lahaie et al. [67] developed a model to simulate the response of the semi-solid

body to an applied strain rate by predicting the ductility and liquid feeding in a 2-D

semi-solid medium with an idealized microstructure, in which the solidification of all
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grains occurs at the same rate, all solid grains are in the shape of hexagons as shown

in Fig. 2.9, and the intergranular liquid is distributed uniformly between the grains

before the deformation is applied. Although the authors claimed that the results of

their model seemed to be in agreement with experimental observations, in reality, the

solidification of grains is neither at the same rate nor in 2 dimensions.

Figure 2.9: Schematic of the 2-D semi-solid structure with regular arrangement of
grains and the tensile deformation of the semi-solid medium as a result of a constant

applied strain rate with different strain values [67].

In order to account for the random arrangement of grains, Vernède et al. [68]

developed a 2-D granular model to simulate the mechanical behavior of the mushy

zone in which the grains are produced by a Voronoi tesselellation of random nucleation

centers. As depicted in Fig. 2.10, which is schematic of a 2-D mushy zone at solid

fraction of 0.92 and strain rate of 0.004 s−1, this model is capable of simulating the

grain structure at a given solid fraction, localization of fluid flow and the forces caused

by liquid feeding and deformation.

Despite the progress made by 2-D techniques that take into account the random
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Figure 2.10: Schematic of a 2-D mushy zone at gs = 0.92 subjected to a strain rate
of 0.004 s−1 [68].

distribution of grains, description of solidification process in the scale of grains re-

mained imperfect due to the 3-D nature of both semi-solid deformation and fluid flow

between the grains [69]. In order to address this need, Sistaninia et al. [2] developed

a 3-D granular hydro-mechanical model known as GMS-3D to predict hot tearing

formation in solidifying alloys. The simulation domain in this model is a Represen-

tative Volume Element (RVE), which consists of randomly distributed grains with

equiaxed-globular microstructure surrounded by liquid channels. Fig. 2.11 shows the

evolution of the semi-solid microstructure during tensile deformation of a notched

Al-2wt.%Cu specimen at three different simulation time predicted by GMS-3D. The

solid grains, liquid channels, and cracks are colored in gray, white, and dark blue

respectively. Fig. 2.12 represents the corresponding X-ray images taken during the

experimental trial. Comparing the two figures, it can be concluded that the model

offers a good insight into the prediction of hot tearing phenomenon [70, 71].
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Figure 2.11: Evolution in the semi-solid microstructure during tensile deformation
of a notched Al-2wt.%Cu specimen as predicted by GMS-3D at (a) t = 405 s, (b)

t = 729 s, and (c) t = 1215 s after the start of the simulation [70].

Figure 2.12: X-ray tomography of the cross-section showing the evolution in the
semi-solid microstructure during the tensile deformation of a notched Al-2wt.%Cu
after (a) t = 486 s, (b) t = 729 s, and (c) t = 1215 s from the beginning of the

experiment [71].

2.6 Thermomechanical Modeling of the DC Cast-

ing Process

All of the hot tearing criteria and the multi-physics models that have been presented

require knowledge of the thermo and mechanical fields experienced by a casting during

solidification. In order to acquire this data, a mathematical model for simulating the

DC casting process is needed. Since the early 1980s, there have been many efforts to

model the DC casting process, which has evolved over the past few years owing to
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the progress in computational methods. As discussed in the previous sections, in DC

casting, the occurrence of hot tears corresponds to accumulation of tensile thermal

stresses exceeding the semi-solid yield point in conjunction with hindered fluid flow

at high solid fractions. Therefore, the first step that should be taken to simulate the

process is to model the thermal conditions and calculate stress and strain evolution.

In this regard, many researchers have focused on thermomechanical models, which

account for the coupled thermal and mechanical behaviour of solidifying material

using constitutive equations to predict stress and strain evolution within the casting.

In thermomechanical models, the effect of fluid flow between the grains is ignored and

liquid, solid, and semi-solid states are distinguished from each other by the amount of

strength given to each of them. In the next step, a hot tearing criterion is implemented

through post-processing calculations to assess hot tearing tendencies.

Thermomechanical models of the DC casting process can be separated into two

distinct, but interrelated parts, namely, simulating the thermal conditions and stress

state during and after the casting. Most recent models are either implemented in

finite element commercial software packages designed for simulation of metal casting

processes such as ProCAST, MAGMA, THERCAST, etc. or other software packages

such as ABAQUS or ANSYS, which can be used as a platform for solving non-linear

heat transfer and mechanical problems. In order to create a thermomechanical process

model of DC casting, the problem is required to be addressed in terms of the following:

• Calculation of the domain and geometry

• Thermophysical properties of the material

• Constitutive properties
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• Initial and boundary conditions

Extensive work has been performed on modeling the DC casting process. In this

regard, Phillion [72] incorporated Pellini’s Total Strain and the RDG criterion into a

2-D finite element model of the DC casting of the rectangular ingots to investigate hot

tearing susceptibility and validate the aforementioned criteria. Two sets of process

parameters, characterized by a change in cooling water flow rate, were used in the DC

casting process. Good agreement was found between the industry experience and hot

tearing predictions of Pellini’s criterion. The RDG criterion was able to differentiate

the hot tearing tendency between the start-up phase of two casting recipes with low

and high cooling water flow rate.

Suyitno et al. [73], studied the effects of casting speed and alloy composition on hot

tearing formation using a thermomechanical finite element simulation of a DC cast

round billet combined with experimental work. Then, various hot tearing criteria

were applied to evaluate their applicability in comparison with experimental data.

The results showed that some criteria such as Clyne and Davies, or Novikov’s criteria

that their formulation are based on static parameters do not take into account the

change in casting speed and are incapable of predicting hot tearing occurrence in

different casting conditions. However, Katgerman, Feurer, Prokhorov, and the RDG

criteria can qualitatively assess hot cracking tendency. Fig. 2.13 illustrates hot tearing

susceptibility predicted by different hot tearing criteria in the vertical cross-section

of an Al-Cu billet as well as the variation of the casting speed with the length of the

billet. It can be seen that hot tearing tendency predicted by Novikov and Clyne and

Davies does not change with casting speed. On the other hand, the sensitivity of

hot tearing to casting speed is clearly demonstrated by other criteria such that hot
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Figure 2.13: Hot cracking susceptibility in the vertical cross-section of an Al-4.5wt%
Cu billet computed using different hot tearing criteria for a varying casting

speed [73].

tearing tendency is an increasing function of casting speed.

2.7 Summary

In this chapter, after a short definition of the hot tearing defect, the most important

mechanisms that explain the reason behind the formation of hot tearing as well as

several criteria that predict hot tearing susceptibility were reviewed. The emphasis

was then placed on the problem of hot tearing in DC casting of aluminum alloys and

how different alloy and processing parameters influence the problem. From the review

on the proposed mathematical methods for simulating the DC casting process and

38



N.Khodaei McMaster University – Materials Science and Engineering

the hot tearing evolution, it can be deduced that a model which investigates the effect

of the DC casting process parameters on 3-D liquid feeding and strain localization at

grain boundaries and consequently predict hot tearing formation and growth has not

yet been proposed. The shortage of research in this area can be explained by what

can be seen in Fig. 2.13; although some of the hot tearing criteria can successfully

predict hot tearing susceptibility, none of them can exactly quantify whether or not

hot tears will occur. In order to quantify hot tearing predictions in the DC casting

process, it is required to take advantage of a granular multi-physics model and a

thermomechanical model of the DC casting process at the same time.
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Chapter 3

Scope and Objectives

As discussed in Chapter 1 and 2, hot tearing is one of the most severe defects encoun-

tered in DC casting of aluminum alloys and is intimately linked with the constitutive

behavior of the alloy in the semi-solid region. Hot tearing has been widely investi-

gated by various methods both experimentally and numerically. The experimental

studies are limited due to the high temperature at which hot tears form and the

sensitivity of factors that cause hot tearing to the casting geometry; thus, modeling

of the DC casting process at the macroscopic scale has become a popular practice

in industry. The limitation of such models is that they do not allow for localization

of straining and liquid feeding between the grains that cause hot tearing formation;

such phenomena are well addressed in meso-scale models.

The main goal of this research is to couple a macro-scale thermomechanical model

of the DC casting process [1] with a meso-scale coupled hydro-mechanical model [74]

in order to demonstrate a multi-scale approach for quantifying the severity of hot tears

and predict where they occur in the DC cast billet. The first model, which has been

developed in the general purpose finite element (FE) software package ABAQUS, is
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used to predict the evolution of stress, strain, strain rate, temperature, etc. with

time at different locations of the casting for different casting speeds. The second

model, which is custom software, predicts the constitutive behavior of a semi-solid

considering fluid flow between the grains, percolation, bridging of the solid grains and

crack formation. In this model, it is assumed that equiaxed solid grains surrounded by

liquid films are randomly distributed in a representative volume element (RVE). This

thesis thus develops a bridge linking the macro- and the meso-scale model and explains

how two models are coupled together in order to quantify hot tearing predictions.

This work is broken down into the following parts. In Chapter 2, a short review

on hot tearing formation as well as the application of numerical models to investigate

hot tearing were provided. The theoretical basics of the meso- scale and the macro-

scale model as well as the methodology by which the two models are coupled are

discussed in Chapter 4. After a brief discussion on the results from the macro- and

the meso-scale model, Chapter 5 mainly focuses on the output of the multi-scale

model considering different parameters such as strain rate, grain size, feedability of

the mushy zone, etc. Finally, some possible future work and conclusions are presented

in Chapter 6.
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Chapter 4

Numerical Methods

4.1 Introduction

This chapter presents the methodology used in this thesis to investigate the problem

of hot tearing in DC casting of aluminum alloys. First, the model utilized to simulate

the DC casting process is presented. Here we used a thermomechanical finite element

model realized with the general purpose software package, ABAQUS version 2017.

This model is based on the models previously developed by Drezet et al. [75] and

Jamaly et al. [1] to which the readers are referred for further details and references.

The model predicts the evolution of the temperature distribution and displacement

field which were validated by thermocouple data obtained from industrial DC casting

trials and neutron diffraction measurements, respectively. Second, the coupled hydro-

mechanical granular model developed by Sistaninia et al. [76, 70, 2], which consists

of four separate segments and their coupling, is explained. The model was validated

against synchrotron X-ray tomography results [77]. Henceforward, the first and the

second models will be called “the macro-scale model” and “the meso-scale model”,
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respectively. Finally, the multi-scale approach to hot tearing, which utilizes the output

of the macro-scale model to simulate the tensile behavior of the simulation domain

at the meso-scale is presented.

4.2 The Macro-scale Model

The DC casting process of a round billet (320 mm diameter × 800 mm length) is

simulated using an axisymmetric geometry as shown in Fig. 4.1. To simplify the

problem, the interactions of the billet with the mold and the bottom block are taken

into account by applying proper boundary conditions regardless of their geometries.

2-D element type CAX4T (4 mm height × 5 mm width), which has four integration

points and performs coupled temperature-displacement analysis, is used to mesh the

computational domain. The increase in the casting height as a result of the downward

movement of the bottom block is simulated such that the bottom block and the billet

remain in a fixed position and the billet height grows in vertical direction by addition

of horizontal layers incrementally. Accordingly, the thermal boundary condition is

moving upward at a rate consistent with the casting speed. In order to calculate

the evolution of stress, strain, and temperature as a function of position in the billet

and time, the solidification and constitutive models are implemented in ABAQUS

through the user programmable subroutine UHARD. The material is assumed to be

an aluminum AA5182 alloy (composition: Mn 0.35 wt.%-Mg 4.5 wt.%-Al balance),

which is widely used for the production of automotive components and beverage cans.

The alloy has a large solidification window (Tsol = 523 ◦C and Tliq = 637 ◦C), which

makes it susceptible to hot tearing and suitable for this study.
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Figure 4.1: Schematic of (a) the actual DC cast billet and (b) the computational
domain in the macro-scale model.

4.2.1 Boundary Conditions

It is necessary to apply mechanical boundary conditions to avoid convergence issues

associated with rigid body motion. For this purpose, an axisymmetric boundary

condition is applied to the axis of rotation (r = 0) to restrict the deformation of the

centerline in radial direction. In addition, the bottom node at the centreline of the

billet is constrained in radial (r) and axial (z) directions to suppress the separation

of the bottom block and the billet at the centerline.

In order to solve heat transfer equations in a transient heat transfer problem, it

is necessary to specify initial thermal conditions as well as proper thermal boundary

conditions. The initial temperature of the layers of elements making up the domain is
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set to 650 ◦C, which is the typical pouring temperature of AA5182 alloy. The ambient

temperature is assumed to be 25 ◦C.

To simplify the simulation, it is assumed that heat transfer is limited to conduction

while the effect of radiation is neglected. The heat is not extracted from the boundary

Γ1 in −r direction due to the axial symmetry and from the boundary Γ2 in z direction

due to the use of a “hot top” in industry. In order to address heat transfer from the

surface of the billet and the bottom, Cauchy type boundary conditions were applied

to surfaces of the billet in contact with the mold (Γ3), cooling water (Γ4), and the

bottom block (Γ5), meaning that the heat flux from the billet to the surrounding

environment is dependent on both the surface and surrounding temperature and is

defined as:

q = h(T − T∞), (4.1)

where q is the heat flux, h is the heat transfer coefficient, T is the surface temper-

ature, and T∞ is the ambient temperature. It is essential to know the value of the

heat transfer coefficient in the calculations. When the surface of the billet solidifies

within the mold, it shrinks and consequently loses its thermal contact with the mold.

Therefore, at the boundary Γ3, the heat transfer coefficient is dependent on the gap

distance between the mold and the billet and is assumed to vary as a function of the

volume fraction of solid (gs) and is given by:

hΓ3 = hcontact(1− gs) + hgap × gs, (4.2)

where hcontact = 2000 W.m−2.K−1 and hgap = 50 W.m−2.K−1 are the heat transfer

coefficients corresponding to gs = 0 and gs = 1, respectively. At the boundary Γ5, the
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heat transfer coefficient is assumed to be constant and equals to 1000 W.m−2.K−1.

The solid fraction-temperature curve is taken from Ref. [78] and is shown in Fig. 4.2.

Figure 4.2: Solidification path of AA5182 used in the macro-scale model [78].

4.2.2 Materials Data

In order to perform a fully coupled thermomechanical analysis, it is required to deter-

mine different thermal and mechanical properties of the AA5182 alloy as a function

of temperature by taking into account the transition temperatures, i.e. the liquidus

temperature (Tliq), the mechanical coalescence temperature (Tcoh), and the solidus

temperature (Tsol). Including the mechanical coalescence temperature in the calcu-

lations is of importance as it is known to be the temperature at which the semi-solid
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materials starts developing strength and exhibits contraction. In this work, the tem-

perature for mechanical coalescence is considered to be 602 ◦C which corresponds

to solid fraction of 0.75. Thermophysical properties of the AA5182 alloy were taken

from Ref. [79] and are given in Table 4.1. Linear interpolation is used to calculate

the material properties at intermediate temperatures. Moreover, since the fluid flow

is ignored in this model, in order to consider the heat transfer due to the fluid flow

in the liquid sump, the thermal conductivity is increased four times its actual value

for temperatures above the liquidus. Moreover, the density is treated as constant to

maintain the heat balance of the system.

Table 4.1: Thermophysical properties of AA5182 alloy used in the macro-scale
model [79]

Property Temperature range (◦C) Value

Thermal Conductivity (W.m−1.K−1) T < Tcoal 119.2 + 0.623T

Tcoal ≤ T ≤ Tliq 594− 0.484T − 0.00048T 2

T > Tliq 69 + 0.033T

Specific Heat (J.kg−1.K−1) T < Tcoal 897 + 0.452T

Tcoal ≤ T ≤ Tliq −994.8 + 8T − 0.0074T 2

T > Tliq 1097

Latent Heat (kJ.kg−3) N/A 397.1

Density (kg.m−3) N/A 2400

The Young’s modulus (E) for deformation in the elastic region, coefficient of

thermal expansion (α), and Poisson’s ratio are also taken from Ref. [79] and are

shown in Table 4.2. As can be calculated from the data presented in that table, the

Young’s modulus (E) changes from 71 GPa at room temperature (T25◦C) to 10 GPa at

solidus temperature (Tsol). Then, for computational purposes, the Young’s modulus
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was set to a small value of 0.01 GPa above the mechanical coalescence temperature

(T ≥ Tcoal + 10) to eliminate the stress development in the mushy zone at lower solid

fractions.

Table 4.2: Mechanical properties of AA5182 used in the macro-scale model [79]

Property Temperature range (◦C) Value

E (GPa) T25◦ < T < Tsol −0.162T 2 + 7.52T + 71589

Tsol < T < Tcoal 100.836− 0.174T

T ≥ Tcoal + 10 0.01

α (◦ K−1) T ≤ Tcoal −0.0235 + 2× 10−5T + 4× 10−8T 2

T > Tcoal 0

Poisson’s ratio N/A 0.3

4.2.3 Constitutive Models

In order to describe the inelastic behavior of the alloy or in other words simulate the

the mechanical response (σ) of the billet to deformation (ε), different constitutive

laws depending on the temperature are used.

For the constitutive model of the solid metal, plastic deformation is described by

a modified Ludwik equation developed by Alankar and Wells [80], which takes into

account not only the time-independent plastic behavior at low temperatures but also

the viscoplastic behavior of the solid at higher temperatures as it includes temperature

dependent parameters:

σ(T, ε, ε̇) = K(T )(εp + εp0)
n(T )(ε̇p + ε̇p0)m(T ), (4.3)
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where σ is the stress, K is the material’s constant related to the strength of the ma-

terial, n is the strain hardening coefficient, m is the strain rate sensitivity coefficient,

ε̇p is the equivalent plastic strain rate, and εp is the total plastic strain at tempera-

tures below 400 ◦C. It is assumed that at temperatures higher than 361 ◦C there is

no strain hardening and the flow stress is only dependent on temperature and strain

rate. εp0 = 10−6 s−1 and ε̇p0 = 10−4 s−1 are constants with small values used to avoid

numerical convergence issues in ABAQUS. The trendline equations of n,m and K

parameters for AA5182 alloy are given in Table 4.3.

Table 4.3: Parameters of the modified Ludwik equation [80]

Parameter Temperature range (◦C) Value

K (MPa) 25 ≤ T < 331 −0.3409T + 361.83

331 ≤ T ≤ 500 −1.1015T + 613.59

n 25 ≤ T < 206 −0.0003T + 0.170

206 ≤ T < 361 −0.0007T + 0.252

361 ≤ T ≤ 500 0

m 25 ≤ T < 183 0

183 ≤ T < 361 0.001T − 0.183

361 ≤ T ≤ 500 0.0003T + 0.069

For the constitutive equation between the solidus temperature (Tsol) and the me-

chanical coalescence temperature (Tcoal), a model proposed by Phillion et al. [81],

which includes the effects of grain size on the stress–strain predictions, is used:

σ(gs, gp, d) = gsσs(εp + ε0)nss(T ), (4.4)
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σs = (483.5− 0.77T )ε̇p
(0.205+0.00006T ), (4.5)

h = d(1− gs)
1
3 , (4.6)

nss = −6.35e−4h2 + 0.0202h, (4.7)

where σ is the total flow stress, gs is the volume fraction of solid, σs is the solid flow

stress, εp is the total plastic strain, ε0 is the initial strain such that σ(εp = 0) = σyield,

nss is a strain hardening parameter, ε̇p is the equivalent plastic strain rate, T is the

temperature, h is the thickness of the liquid channels between the grains, and d is the

grain size. The expression for nss was derived from regression analysis of semi-solid

tensile deformation experiments and microstructure simulation. As can be seen in

Fig. 4.3 and Fig. 4.4, which illustrate the effect of solid fraction and grain size on the

predicted stress-strain relationships for AA5182 alloy, by increasing the solid fraction

and decreasing the grain size, semi-solid strength will increase.

In order to calculate the thickness of the liquid channels between the grains (h),

the value of the grain size is needed. For this purpose, the methodology developed by

Easton et al. [82] is used to estimate the grain size by considering the cooling rate and

solute content as controlling parameters. The effect of solute content is quantified by

introducing the growth restriction factor (Q), which is approximated for an alloy as:

Q =
∑
i

mi c0,i(ki − 1), (4.8)
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Figure 4.3: Schematic of semi-solid stress-strain response used in the simulation at
various solid fractions for the grain size of 150 µm, and strain rate of 10−3 s−1.

where for each element, mi is the liquidus gradient, c0,i is the composition, and ki the

binary partition coefficient for each element in the alloy. Table 4.4 shows the data

required to calculate the growth restriction factor.

Table 4.4: Data for calculating Q [83]

Element m(k − 1) (K)

Ti 220

Mn 0.1

Mg 3

Assuming the alloy is cast after the addition of 0.005 wt% TiB2 as a grain refiner,
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the grain size (d) is given by:

d(µm) =
1

1.4(1− e−0.569Ṫ 0.685)[TiB2]1/3
+ (281 +

381

Ṫ 0.5
)

1

Q
. (4.9)

Figure 4.4: Schematic of semi-solid stress-strain response used in the simulation for
various grain sizes at solid fraction of 0.98 and strain rate of 10−3 s−1.

As can be seen in Table 4.3 , Eq. 4.3 is only valid for the temperature range of

25 − 500 ◦C and Eq. 4.4 is valid for the temperature range of Tsol − Tcoal; thus, the

constitutive behavior used between T = 500 ◦C and Tsol = 523 ◦C is derived by linear

interpolation between values of Eq. 4.3 and Eq. 4.4 at 500 ◦C and 523 ◦C, respectively.

At temperatures above the Tcoal, it is considered that the material exhibits an ideal

plastic behavior as shown in Fig. 4.3.

The macro-scale model is able to predict the evolution of temperature, stress,

strain, strain rate, etc. as a function of time within the DC cast billet. With the aid
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of this model, the steady state and start-up regions can be identified through the tem-

perature field and stress predication in vertical direction. Moreover, the simulation

results can be used as input to calculations of different hot tearing criteria. Although

the model was validated against thermal measurment data obtained from industrial

DC casting trails and neutron diffraction measurements, simplifying assumptions can

alter the results. The most important assumptions of this model which can affect the

prediction of hot tearing are summarized as the ignorance of fluid flow and macroseg-

regation, the use of invariant solidification path, consideration of a constant heat

transfer coefficient at the bottom block of the billet and simplification of heat trans-

fer through cooling water sprays bellow the mold.

4.3 The Meso-scale Model

The mechanical behavior and liquid feeding of the semi-solid alloy during the DC

casting process is described with the aid of a 3-D coupled hydro-mechanical granular

model. The model consists of four different segments. (1): The solidification segment

to create the solid-liquid geometry at any solid fraction. (2): The fluid flow segment

for simulation of liquid pressure within the intergranular channels. (3): The semi-

solid deformation segment to model the semi-solid mechanical behavior and finally

(4): the failure segment to simulate crack initiation and propagation. Since hot

tearing formation is the result of both lack of liquid feeding and deformation of alloy

in the semi-solid region, the fluid flow segment, semi-solid deformation segment, and

the failure segment are linked together using a coupling method between them. In

the following each segment and the coupling method is presented.
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4.3.1 Solidification Segment

The 3-D granular solidification model known as 3D-GMS [84] is used to generate the

solid-liquid geometry based on Voronoi tessellation of randomly distributed nucleation

centers. The geometry is assumed to be a representative volume element (RVE) of

equiaxed globular grains with liquid channels in between as shown in Fig. 4.5 (a).

To perform solidification calculations, each grain is divided into pyramids as illus-

trated in Fig. 4.5 (b) and (c). The summit of the pyramid is considered to be the

nucleation center and its facet to be the base. The pyramid is further broken down

into tetrahedral elements as illustrated in Fig. 4.5 (d). The solidification within each

tetrahedron is reduced to a one-dimensional problem assuming infinite diffusion in

the liquid and back diffusion in the solid. The evolution of the solid-liquid interface

in each tetrahedron is given by:

v∗x∗
2

(k0 − 1)Cl +
1

3
(L3 − x∗3) Ṫ

ml

+ x∗
2

Ds
∂Cs
∂x |x∗

= 0, (4.10)

where v∗ and x∗ are the velocity of the interface and its actual position, k0 is the

partition coefficient, Cl and Cs are the compositions of the liquid and the solid, L is

the height of the tetrahedron measured from the nucleation center, Ṫ is the cooling

rate, ml is the liquidus gradient, and Ds is the diffusion coefficient in the solid.

The evolution of the term ∂Cs

∂x
|x∗ can be determined if one solves the diffusion

equation in the solid phase:

∂Cs
∂t

= Ds(
∂2Cs
∂x2

+
2

x

∂Cs
∂x

). (4.11)

At high solid fractions, neighboring grains come into contact with each other and
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Figure 4.5: A breakdown of the RVE representing solid-liquid geometry in 3-D; (a)
the entire model domain, (b) a polyhedral grain, (c) a pyramid volume element, and

(d) a single tetrahedral element showing both the solid portion (gray) and liquid
portion (clear) [84].

bridge. It is required for the model to use a coalescence criterion to decide which

neighboring grains are going to coalesce. In this regard, the minimum surface energy

criterion developed by Rappaz et al. [85] is implemented in which a random orientation

angle between 0◦ and 90◦ is assigned to each grain and then the misorientation angle

for two neighboring grains is calculated from ∆θ = θ1 − θ2, where θ1 and θ2 are

the assigned angles and ∆θ is the misorientation angle, which is translated to the

energy of grain boundary according to available data in the literature [86, 87]. It

is assumed that if ∆θ is greater than 10◦, the energy of grain boundaries (γgb) will

be greater than the energy of solid-liquid interface (2γsl); therefore, the boundary of

two neighboring grains is repulsive and a coalescence undercooling (∆Tb) is needed

to provide the driving force for coalescence:

∆Tb =
γgb,max − 2γsl

∆Sf

1

δsl
, (4.12)

where ∆Sf is the entropy of fusion per unit volume, δsl is the diffuse solid-liquid

interfacial thickness, and γgb is a value between 0 and γgb,max.
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4.3.2 Fluid Flow Segment

During the course of solidification, liquid convection in channels between the grains

occurs because of volumetric shrinkage as a result of phase transformation and me-

chanical deformation. The geometry used in fluid flow calculation is derived from

the solidification segment and consists of prismatic grains and the flow is assumed to

occur in direction parallel to polyhedral facets as shown in Fig. 4.6. In other words, if

one considers a local frame (x′, y′, z′) attached to the base of a the prismatic element,

with the local z′ axis perpendicular to the base surface, fluid velocity has only two

dimensions, i.e. vlx′ and vly′ . In addition, assuming that the liquid density is constant

and the flow is irrotational in the facet, a simplified form of Navier-Stokes equation

can be used to formulate the fluid flow between two parallel grain:

~vl =
1

2µl
~∇pl[z′2 − h2], (4.13)

where ~vl is the fluid velocity vector, µl is the dynamic viscosity, pl is the pressure,

h is the half of the liquid channel width, and the reference node of the local frame

(x′, y′, z′) is located in the half width of the liquid channel. If one combines Eq. 4.13

with mass conservation equation, and takes into account the variation of the liquid

density, the liquid pressure can be found from:

2h3

3µl
∇2pl = 2βv∗ + ∆vsn +

2h

Kl

∂pl
∂t
, (4.14)

where β = (ρs/ρl − 1) is the shrinkage factor, ∆vsn measures the difference between

normal velocity of solid grains, i.e. v+
sz′ − v

−
sz′ and Kl is the bulk module of the liquid,
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Figure 4.6: (a) The domain of the granular semi-solid model containing 27
(3× 3× 3) grains, (b) the network of the triangular liquid elements in between the
polyhedral grains, and (c) a schematic of the liquid control volume and its location

in relation to the facets of two neighboring grains.

which links the variation of the liquid density to liquid pressure drop:

1

ρl

∂ρl
∂t

=
1

Kl

∂pl
∂t
. (4.15)

The left-hand side of Eq. 4.14 provides the variation in the liquid pressure drop

required to account for the effect of solidification shrinkage and the solid deformation

in the right-hand side. In order to calculate the liquid pressure in the semi-solid RVE,

a finite element code using a free open-access program C++ template library known

as IML++ has been written to solve Eq. 4.14.

4.3.3 Semi-solid Deformation Segment

The semi-solid deformation segment accounts for the distribution of strain between

the grains and utilizes the output of the solidification segment, i.e. a set of solid

tetrahedral elements, which are in solid contact with three other tetrahedrons of the

57



N.Khodaei McMaster University – Materials Science and Engineering

same grain. The fourth facet of the tetrahedral elements is either in solid contact

with the facet of the neighboring grain after the coalescence or is separated from that

by a liquid channel existing in between prior to coalescence. With the use of a C++

subroutine, a finite element mesh as well as an ABAQUS control file for performing

the semi-solid deformation simulation based on the viscoplastic Ludwik’s equation

are created from the output of solidification segment:

σ(ε, ε̇, T ) = ks(T )εn(T )ε̇m(T ). (4.16)

The finite element mesh divides each solid tetrahedron into three solid elements,

namely, a tetrahedral and a two pentahedral solid elements. Multi points constraint

(MPC) elements are used to conserve the continuity of two neighboring tetrahedrons

in a grain. Contact elements are located at the solid-liquid boundary of each grain

to prevent the penetration of grains and the effect of hydrostatic pressure within

the liquid is simulated by adopting link-spring elements with a negligible stiffness

coefficient. With the aid of the semi-solid deformation segment, the overall stress-

strain behavior of the RVE is predicted.

4.3.4 Failure Segment

It is required to apply a hot tearing criterion to the model to capture crack initiation

and propagation. The criterion used in this model is based on the Young-Laplace

equation for growing voids which takes into account the overpressure needed to over-

come capillary forces at the interface of the atmosphere and the liquid as shown in
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Fig. 4.7 and is defined as:

pa − pl =
λcos θ

h
, (4.17)

where pa is the atmospheric pressure, pl is the liquid pressure, λ is the surface tension

at the void-liquid interface, cos θ is the dihedral angle, and h is the half width of the

liquid channel. According to the measurements made by Syvertsen [88], the value λ

has been set to 5 J.m−2 in this simulation. Hence, the crack initiation occurs if the

following assumption is valid:

pl ≤ pa −
5

h
[Pa]. (4.18)

Once the crack initiates, the crack propagates abruptly in the liquid channel con-

Figure 4.7: Schematic representation of crack initiation in the liquid channel located
in between two solid grains.
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nected to the tip of the crack. Therefore, a higher liquid pressure satisfies the condi-

tion for the crack propagation:

pl ≤ pa −
2

h
[Pa]. (4.19)

4.3.5 Hydro-mechanical Coupling

The semi-solid geometry is generated at a given solid fraction for a certain number

of grains and a constant grain size in the solidification segment. An initial value

for the liquid pressure, i.e. p0
l is assumed and based on the applied bulk strain rate,

the imposed displacement, ∆uv = ε̇vL∆t (where L is the dimension of the RVE,

and ε̇v is the bulk strain rate), is calculated and translated into ε′z in the semi-solid

deformation segment. With this information, a deformation simulation is performed

in order to determine the velocity of each grain and the resulting change in the liquid

channel size. Using these new ∆vsn and 2h , the new pl is calculated in the fluid

flow segment and compered to its initial value (p0
l ). If |pl − p0

l | > Tol (where Tol

is a tolerance value), p0
l is replaced by pl and the calculations are repeated until the

pressure values converges, meaning that |pn+1
l − pnl | < Tol. When the convergence

is attained, the pl value is compared to the pressure required to satisfy the failure

criterion. If the comparison shows that a hot tear has formed, pl in that channel will

be set to pa for the calculations in the semi-solid deformation segment because with

crack formation in a channel, its liquid is sucked into other regions of the RVE and

the displacement of −2h is considered for that channel in the next increment, which

means that channel will not be participated in fluid flow and deformation calculations

in the next increments. The list of physical parameters used in the meso-scale model
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is given in Table 4.5.

Table 4.5: List of parameters used in the calculations of the meso-scale model [74]

Parameter Value Parameter Value

ρl 2440 kg.m−3 µl 0.0015 Pa.s

Kl 41 GPa β 0.08

∆Sf 1.02× 106 J.K−1.m−3 pm 0 Pa

Ds 1.5× 10−13 m2.s−1 Dl 3× 10−9 m2.s−1

γgb,max 0.324 J.m−2 γsl 0.092 J.m−2

m 0.164 n 0.22

ks 30.5 MPa.sm k0 0.1

ml -20 K/at.% C0 0.5 at.%

The meso-scale model is able to predict the overall response of a semi-solid RVE

at high solid fraction to an applied strain while considering the liquid feeding and

localization of straining between the grains. Moreover, it can predict the crack for-

mation as a result of inability of the liquid to feed the deformation. The simulated

stress-strain predictions show a good correlation with the experimental data available

in the literature for Al-2wt.%Cu [86].

4.4 Multi-scale Approach to Hot Tearing

The idea behind this thesis is to couple the evolution of thermal and mechanical field

throughout the casting provided by the macro-scale model with the ability of the

meso-scale model to predict crack formation in a semi-solid RVE. To this end, the

following steps as outlined in Fig. 4.8 are taken:
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Figure 4.8: Flow chart of the multi-scale approach.

1. Using the macro-scale model, different simulations with variable casting speed

have been performed. The simulation output provides the evolution of temper-

ature, cooling rate, thermal gradient, grain size, and different states of stress

and strain.

2. In order to assess the hot tearing susceptibility of different regions within the DC

cast billet, a hot tearing criterion named “pore fraction hot tearing model” is

implemented through post-processing calculations at T = 546 ◦C corresponding

to solid fraction of 0.98, where the alloy has neither the strength of the fully

solid material nor the ductility in lower solid fractions to accommodate stresses
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and strains.

3. The most susceptible locations to hot tearing according to the pore fraction

model are found. Then, the characteristics of those locations including grain

size (d), thermal gradient (G), and bulk strain rate (ε̇v), are extracted from the

macro-scale model.

4. The information extracted from the previous step is used to run the meso-scale

model at solid fraction of 0.98 to simulate the tensile behavior of an RVE during

the DC casting process and consequently predict hot tearing formation.

4.4.1 Application of The Pore Fraction Model

As discussed before, several controlling parameters, namely, casting speed, cooling

water flow rate, melt temperature and casting geometry influence the quality of the

DC cast billets. Among these parameters, the effect of casting speed on the severity

of hot tearing formation will be investigated in this work. For pursuing this objective,

three casting simulations with different casting speeds are performed at the macro-

scopic scale. In order to investigate the susceptibility of different regions within the

billet to hot tearing, it is required to use a hot tearing criterion. The hot tearing

criterion used in this work is pore fraction hot tearing model previously proposed by

Monroe and Beckermann [62] and later developed by Dou et al. [89]. Fig. 4.9 shows

a 2-D element in the mushy zone of the DC cast billet. Considering the direction of

Vlx for the thermal gradient, one can assume that fluid moves in direction parallel

with the thermal gradient, but solid deformation can occur in directions either per-

pendicular to or parallel with the thermal gradient, i.e. the directions Vs,y and Vs,x,

respectively. As discussed in Chapter 2, Monroe and Beckermann only considered
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the defamation of the mushy zone in direction perpendicular to the thermal gradi-

ent in their criterion. However, Dou et al. [89] has extended their work by taking

into account the deformation of the mushy zone in both directions parallel with and

perpendicular to the thermal gradient. In this model, it is considered that the fluid

flow ceases at liquid fraction of 0.2 and further shrinkage and deformation after that

cause porosity formation. By applying mass conservation, the fraction of porosity

that forms as a result of shrinkage (fp,sh), deformation in either parallel (fp,de,εx) or

perpendicular to the thermal gradient (fp,de,εy) can be defined as:

fp,sh =
β

β + 1
fl,cr, (4.20)

fp,de,εx =
ε̇px∆Tf

Ṫ

∫ fl,cr

0

(1− fl)
dθ

dfl
dfl, (4.21)

fp,de,εy =
ε̇py∆Tf

Ṫ

∫ fl,cr

0

(1− fl)
dθ

dfl
dfl, (4.22)

where β is the solidification shrinkage, fl,cr is the critical liquid fraction, ε̇py is the

strain rate perpendicular to the thermal gradient, ε̇px is the strain rate parallel with

the thermal gradient, ∆Tf is the freezing range, Ṫ is the cooling rate, and θ equals

T−Tsol
∆Tf

.

In order to examine the susceptibility of the DC cast billet to hot tearing with the

aid of the pore fraction model, first, using a Python code, cooling rate (Ṫ ), the strain

rate parallel to the thermal gradient (ε̇px), and the strain rate perpendicular to the

thermal gradient (ε̇py) are extracted from the results of the macro-scale model at T =

546 ◦C corresponding to solid fraction of 0.98. Second, a C++ code is implemented
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Figure 4.9: Schematic of a DC cast billet and a 2-D domain of the semi-solid region.

to calculate various pore fractions in the DC cast billet. For the calculation of ε̇px

and ε̇py, it is required to rotate the strain rate tensor from the global axi-symmetric

coordinate system to the local system aligned with the thermal gradient:

A = R× ε̇ij ×R′, (4.23)

R =

 cos(π
2
− γ) sin(π

2
− γ)

−sin(π
2
− γ) cos(π

2
− γ)

 , (4.24)

where A is the strain rate in the local coordinate, R is the transformation matrix, R′

is the transpose matrix of R, ε̇ij is the strain rate tensor in the global coordinate, and

γ is the rotation angle between the x-axis and the direction of the thermal gradient.

A11 + ε̇H (where is ε̇H is the hoop strain rate) is considered as ε̇py and ε̇px is given by

A22.
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4.4.2 Application of The Meso-scale Model

After finding the characteristic of locations within the billet with the highest suscepti-

bility to hot tearing, i.e. the grain size (d), thermal gradient (G), and bulk strain rate

(ε̇v), the semi-solid geometry can be created to simulate the condition experienced by

an RVE of grains during the DC casting process. For this purpose, it is necessary to

assign proper fluid and mechanical boundary conditions on all surfaces of the RVE

in the meso-scale model. Fig. 4.10 shows a schematic of an RVE at solid fraction of

0.98. In terms of mechanical boundary conditions, it is considered that symmetry

boundary conditions are assigned to the surfaces x = 0, y = 0, and z = 0. The

surface x = Lx is joined to a reference node, which is moved with a constant bulk

strain rate found from the macro-scale model, and the surfaces z = Lz and y = Ly

are free to move.

Figure 4.10: Schematic of a representative volume element (RVE) at solid fraction
of 0.98.

During the DC casting process, as a result of molten metal convection in the cast-

ing, the fluid flows in between the intergranular regions. Therefore, Robin boundary

66



N.Khodaei McMaster University – Materials Science and Engineering

condition is imposed on the surface x = 0, which assumes that the RVE is fed by

fluid with a constant feeding coefficient as follows:

ql = fl(pl − pm), (4.25)

where ql is the microscopic flux with the unit of µm.s−1, pl is the liquid pressure and

pm is the metallostatic pressure. It has been shown by Sistaninia et al. [70] that the

feeding coefficient, fl, can be defined as:

fl =
ql

pl − pm
=

1∫ T
Tl

µl(1−gs(T ))
K(gs)G

dT
, (4.26)

where µl is the liquid viscosity, G is the thermal gradient and K is the permeability

of the mushy zone which is found from the Carman-Kozeny relation [90]:

K =
(1− gs)

3

5Sslv
2 , (4.27)

where Sslv is the intrinsic specific solid-liquid interfacial area. Finally, the other sur-

faces of the RVE are considered to be closed to fluid flow.

4.5 Summary

In this chapter, the details of the two numerical models, i.e. the thermomechanical

model of the DC casting process (the macro-scale model) and the 3-D coupled hydro-

mechanical granular model (the meso-scale model) as well as the approach for coupling

them were explained. The novelty of this master’s thesis is the simultaneous study of

a macro-scale process (DC casting) and a micro-scale phenomenon (hot tearing) by
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addressing each problem in its own scope. In the next chapter, the presented tools

will be outlined to provide a valuable insight into the simulation of hot tearing during

the DC casting process.
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Chapter 5

Results and Discussion

5.1 Introduction

After the detailed description of the numerical methods in Chapter 4, now it is time

to concentrate on the results of this research work. In this chapter, first, the results

obtained from the macro-scale model, which mainly include the thermal and stress

field evolution will be presented in Section 5.2. Second, the main abilities of the

meso-scale model will be discussed in Section 5.3, and eventually, the attention will

be drawn toward the formation of hot tearing with the aid of the multi-scale approach

in Section 5.4.

5.2 Macro-scale Model

The thermomechanical model of DC casting was simulated for three different casting

speeds shown in Table 5.1. In the following, the results of the macro-scale model for

the simulation case A will be presented to provide an insight into the typical outcome
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of the thermomechanical models.

Table 5.1: List of the macro-scale simulation cases

Case Casting speed (mm.min−1)

A 66

B 56

C 46

In Fig. 5.2 the evolution of temperature with time for three points located at (a)

the centerline, (b) the mid-radius, and (c) the surface of the billet and all at 40 mm

above the bottom block as illustrated in Fig. 5.1 is presented. As can be seen, the

evolution of temperature varies in radial direction and point (c) cools down much

faster than points (a) and (b) owing to differential cooling conditions experienced by

different locations. The surface of the billet is in direct contact with the mold and

later with the cooling water impinging against it; therefore, the heat extraction is

faster on the surface in comparison to the center and the mid-radius of the billet.

Figure 5.1: Location of points a, b, and c within the DC cast billet.
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It should be noted that the temperature of the specified points does not decrease

until about 35 seconds after the start of the casting when the layer of elements at the

corresponding height is added.

The evolution of hoop stress as a function of time for points a, b, and c of Fig. 5.1

is displayed in Fig. 5.3. For all three locations, the hoop stress follows the same

trend; it is close to zero before the coalescence temperature (Tcoal), then it becomes

compressive followed by a shift toward the tensile direction, and finally, it shows a

uniform behavior until the simulation is completed. However, the evolution of hoop

stress is much slower at the center of the billet (point a) than at its surface (point c),

indicating that the variation in temperature field leads to a differential state of stress

and deformation in the billet. In other words, the mechanical behavior of the billet

is significantly dependent on the temperature distribution. Hence, it is essential to

distinguish between the transient start-up phase of the casting and the steady state

phase, because as explained in Chapter 1, the start-up region of the DC casting is

the most crucial phase in terms of hot tearing formation. For achieving this purpose,

the evolution of temperature as a function of time at different locations along the

surface and the centerline of the billet is plotted in Fig. 5.4 and Fig. 5.5, respectively.

It is worth mentioning that time zero for each temperature profile at a specific height

represents the time at which the corresponding layer of elements is added. In both

figures, as the height increases the temperature profiles get closer to each other and

above a certain height, they start to merge. The height above which the temperature

profiles do not change with the location anymore, is where the steady state phase is

achieved. During the steady state phase of the DC casting, the heat transfer occurs

from the surface of the billet to the mold and the cooling water; however, in the
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start-up phase, the heat is also extracted from the bottom block, which causes the

variation in the temperature profiles in this region. Another interesting observation is

that although the surface of the billet reaches the steady state at around 50 mm above

the bottom block, the centerline of the billet still experiences the start-up phase at

this height and the temperature profiles do not converge until the height of 200 mm,

which implies that the acceleration in the rate of heat extraction shifts the start of

the steady state to lower heights in the billet. As hot tearing is a quality issue in the

start-up region of the casting, it can be expected that there would be a higher risk of

hot tearing formation near the center of the billet rather than its surface.

Figure 5.2: Evolution of temperature with time at three different locations in the
billet shown in Fig. 5.1 for case A.
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Figure 5.3: Evolution of hoop stress as a function of time at three different locations
shown in 5.1 for case A.

Figure 5.4: Evolution of temperature with time along the surface of the billet at
different heights for case A.
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Figure 5.5: Evolution of temperature with time along the centerline of the billet at
different heights for case A.

Fig. 5.6 illustrates the variation in the grain size and the contour plots of the

hoop stress and the temperature field at the end of the casting throughout the billet.

As shown in Fig. 5.6 (a), the grain size varies from 185 to 225 µm and the largest

grains are found near the base of the casting, which confirms the fact that this region

experienced the lowest cooling rate during solidification. From Fig. 5.6 (c), it can

be observed that the area close to the surface of the billet experiences a compressive

hoop stress distribution and the regions near the center of the billet are in tension.

However, the hoop stress in the liquid sump, which is shown by red in Fig. 5.6 (b)

is close to zero, because the temperature in that region ranges from 590 to 640◦C,

which is far from the coalescence temperature and the stress has not yet developed

in the semi-solid material.
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Figure 5.6: Contour plots representing (a) grain size, (b) temperature, and (c) the
hoop stress at the end of the simulation for case A.

5.3 The Meso-scale Model

The macro-scale model can provide an insight into thermal and mechanical behavior

of the DC cast billet during the casting and by implementing a hot tearing criterion,

one can examine the susceptibility of different locations to hot tearing. However,

hot tearing is a more complex incident influenced by the localization of straining and

liquid feeding between the grains. Although such phenomenon cannot be explained in

the macro-scale model, in which the smallest part of the simulation is one element (4

mm height × 5 mm width), they are well addressed in the meso-scale model. In the

following, some of the most important capabilities of the meso-scale model, which will
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assist us with the prediction of hot tearing in the scale of grains are demonstrated.

Fig. 5.7 shows the cross-section of a representative volume element with 7 grains

per side at different solid fractions of 0.5, 0.7, and 0.9 generated by the solidification

segment of the meso-scale model. Liquid channels and solid grains are colored in red

and gray, respectively. It can be seen as the solid fraction increases, the thickness

of liquid channels between the grains decreases and more grains come into contact

together, coalesce and create grain clusters, i.e. groups of grains that are in solid

contact with each other. Therefore, as the solid fraction increases, the fluid flow

between the grains becomes more restricted.

Figure 5.7: Cross-section of the representative volume element (RVE) generated by
the solidification segment of the meso-scale model at three solid fractions of (a) 0.5,

(b) 0.7, and (c) 0.9.

Fig. 5.8 shows the permeability of the mushy zone as a function of solid fraction for

three different grain sizes of 100 µm, 200 µm, and 300 µm predicted by the fluid flow

segment of the meso-scale model using Carman-Kozeny relation (Eq. 4.27). It can

be observed that the permeability of the mushy zone decreases with increasing solid

fraction, meaning that it is more difficult for fluid to pass through the liquid channels

at high solid fractions rather than low solid fractions. Furthermore, the permeability

76



N.Khodaei McMaster University – Materials Science and Engineering

increases with the grain size owing to the decrease in the intrinsic specific solid-liquid

interfacial area (Sslv ) with increasing the grain size (recalling Eq. 4.27).

Figure 5.8: Variation of permeability of the mushy zone with solid fraction for three
different grain sizes of 100 µm, 200 µm and 300 µm.

Fig. 5.9 shows the contours of liquid pressure at three different solid fractions of

0.5, 0.7, 0.9 for an RVE with 7 grains per side considering that a constant flux of

q = 50 µm.s−1 is imposed on the bottom of the RVE (x = 0) and the liquid pressure

is zero (pl = 0) on the top surface, i.e. x = Lx. It should be noted that the values

shown in the figures legend correspond to the pressure in the liquid channels and

there is no pressure defined for solid grains; however, in order to better represent the

variation of the pressure in the RVE, solid grains are also colored. It can be seen

that for all three solid fractions, the pressure in liquid channels drops from zero on

the surface x = Lx to a negative value on the surface x = 0. Moreover, the liquid
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pressure drop increases with the solid fraction such that at gs = 0.5 (Fig. 5.9 (a)), the

difference between the liquid pressure on the top and the bottom of the RVE is 5.2

Pa; however, it changes to 51 Pa and 4800 Pa for gs = 0.7 and gs = 0.9 (Fig. 5.9 (b)

and (c)), respectively. Furthermore, the channels in which the liquid flow occur are

shown with black and it is noticeable that as the solid fraction increases the number

of such channels decreases; this means that with increasing the solid fraction, fluid

flow in liquid occurs in more preferential paths.

Figure 5.9: Contour plots of the liquid pressure drop for an RVE with 7 grains per
side at solid fractions of (a) 0.5, (b) 0.7, and (c) 0.9.
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Fig 5.10 shows the predicted average stress-strain behavior of an RVE over the

surface x = Lx with a grain size of 250 µm, subjected to a strain rate of 0.001 s−1 for

three different solid fractions of 0.94, 0.96, and 0.98. All the surfaces of the RVE are

considered to be closed to any fluid flow or in other words the fluid flux is zero on all

surfaces (q = 0). It can be clearly seen that for all solid fractions the stress increases

with strain until it reaches a maximum value. However, this increase is much larger

for a solid fraction of 0.98 since as the solid fraction increases more grains coalesce,

which increases the stiffness of the semi-solid.

Figure 5.10: Average stress-strain behavior of the RVE subjected to a strain rate of
0.001 s−1 for different solid fractions of 0.94, 0.96, 0.98
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5.4 Multi-scale Approach

Some of the important capabilities of the macro-scale and the meso-scale model have

been reviewed and now it is time to focus on the multi-scale approach. The main

challenge in this coupling is to determine when and how to apply the meso-scale

model to optimize the computational costs. In this regard, first, the results of the

pore fraction model for three simulation cases A, B, and C (Table 5.1) are presented

in Section 5.4.1. Then, from those results, the locations in the billet exhibiting the

highest susceptibility to hot tearing with respect to the pore fraction model are found

and characteristics of such locations will be discussed in Section 5.4.2. After that, the

focus will be placed on the tensile behavior of the RVEs possessing characteristics of

the locations with the highest risk of hot tearing based on the pore fraction model

(Section 5.4.3) and presenting a hot tearing susceptibility in Section 5.4.4. Finally

the results obtained from the multi-scale approach are discussed against the available

hot tearing models in the literature.

5.4.1 Pore Fraction Model

In order to explore the hot tearing susceptibility within the DC cast billet, the distri-

butions of the total deformation pore fraction (fp,de = fp,de,εx + fp,de,εy) for simulation

cases A, B, and C are analyzed. Fig. 5.11 shows the variation of the total deformation

pore fraction as a function of distance from the bottom block along the centerline of

the billet at solid fraction of 0.98 for the three simulation cases A, B, and C. As can

be seen, for all three cases the pore fraction is an increasing function of the distance

from the bottom block until it reaches a peak value at a few millimeters above the

bottom surface of the billet, which indicates the susceptibility of the billet to hot
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tearing in the start-up region. As the casting speed increases, the peak value of the

deformation pore fraction also increases and shifts to lower heights in the billet such

that it occurs at the height of 12 mm, 16 mm, and 24 mm above the bottom block for

casting speeds of 66 mm.min−1 (case A), 56 mm.min−1 (case B), and 46 mm.min−1

(case C), respectively. After the peak value has been attained, the pore fraction is

followed by a decreasing trend until 50-100 mm above the bottom block depending on

the casting speed. For case C, the pore fraction becomes zero above 90 mm from the

bottom block, meaning that there is no vulnerability to hot tearing; however, for case

A and B, the pore fraction starts to increase after 80 and 100 mm above the bottom

block, respectively in such a way that for case A at the height of 350 mm, it even

becomes larger than the peak value. Therefore, it can be surmised that for case A

the hot tearing susceptibility starts to increases above 80 mm from the bottom block,

but as discussed before and shown in Fig. 5.5, above 200 mm from the bottom block,

the DC cast billet reaches the steady state region, where the chance of hot tearing

formation is extremely low.

Recalling Eq. 4.21 and Eq. 4.22 shows that fp,de,εx and fp,de,εy are functions of

ε̇px and ε̇py, respectively. Fig. 5.12 shows the variation in the strain rate parallel

with the thermal gradient (ε̇px) and Fig. 5.13 depicts the evolution of the strain rate

perpendicular to the thermal gradient (ε̇py) along the centerline of the billet in terms

of the distance from the bottom block. By comparing the two figures, it can be

noticed that the evolution of the deformation pore fraction in the start-up and the

steady state phase is controlled by ε̇px and ε̇py, respectively. Therefore, the increase in

the deformation pore fraction for case A in the steady state region is the result of the

increase in ε̇py as shown in Fig. 5.13, which implies hot tearing susceptibility in the
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Figure 5.11: Evolution of the deformation pore fraction along the centerline of the
billet at solid fraction of 0.98 for the macro-scale simulation cases A, B, and C.

steady state region. However, after plotting the strain perpendicular to the thermal

gradient along the centerline of the billet, which is calculated in the same way as

ε̇py (Eqs. 4.23 to 4.24) but by using the strain tensor in the global coordinate instead

of the strain rate tensor, it is shown in Fig. 5.14 that the strain perpendicular to the

thermal gradient becomes negative above 32 mm from the bottom block, meaning that

the strain is compressive which not only does not cause cracking, but it can also heal

the hot tears by leading the liquid into regions where feeding is difficult. Therefore,

the positive increasing values of ε̇py seen in Fig. 5.13 results from the increase in the

compressive strain with time. Hence, it can be deduced that the positive values of

ε̇py and ε̇px causes hot tearing susceptibility if the semi-solid material is in tension.

In order to study the hot tearing propensity in radial direction, the evolution of

deformation pore fraction as a function of distance from the centerline of the billet
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Figure 5.12: Evolution of the strain rate parallel with the thermal gradient ( ε̇px)
along the centerline of the billet at solid fraction of 0.98 for the macro-scale

simulation cases A, B, and C.

for cases A, B, and C at three different heights of 12 mm, 16 mm, and 24 mm above

the bottom block is plotted in Fig. 5.15. For each case, the height is chosen based on

the location of the peak value in Fig. 5.11. It can be observed that the deformation

pore fraction generally decreases as it gets closer to the surface of the billet, implying

that the hot tearing susceptibility decreases in radial direction. Therefore, from the

results of applying the pore fraction hot tearing criterion to the macro-scale model,

it can be concluded that there is a risk of hot tearing formation near the center of

the billet and as the casting speed increases, the distance between the point with the

highest vulnerability to hot tearing and the bottom surface of the billet decreases.

Moreover, there is no risk of hot tearing formation near the surface of the billet.
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Figure 5.13: Evolution of the strain rate perpendicular to the thermal gradient (ε̇py)
along the centerline of the billet at solid fraction of 0.98 for the macro-scale

simulation cases A, B, and C.

Figure 5.14: Variation in the strain perpendicular to the thermal gradient as a
function of distance from the bottom block along the centerline of the billet at solid

fraction of 0.98 for the macro-scale simulation cases A, B, and C.
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Figure 5.15: Evolution of the deformation pore fraction as a function of distance
from the centerline of the billet at solid fraction of 0.98 for the macro-scale

simulation cases A, B, and C.

5.4.2 Characteristics of Susceptible Locations

Although the risk of hot tearing initiation has been investigated so far, the question

whether or not hot tears will initiate still remains. To answer this question, it is

required to identify the location within the billet demonstrating the highest risk of

hot tearing formation according to the pore fraction model for each simulation case.

Such locations are named X, Y, and Z for simulation cases A, B, and C, respectively

and their coordinates are listed in Table 5.2. The next step is to extract the grain size,

strain rate, and thermal gradient from the macro-scale model as well as calculate the

feeding coefficient of locations X, Y, and Z at solid fraction of 0.98. Then the RVE,

which contains a certain number of grains is deformed with a constant bulk strain

rate as explained in Chapter 4. In order for the reader to gain an understanding of
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the variation of the mentioned parameters in radial direction, they are plotted at the

height of 12 mm, 16 mm and 24 mm above the bottom block for simulation cases A,

B, and C, respectively, as a function of distance from the centerline of the billet in

the following.

Fig. 5.16 shows the variation in the grain size for simulation cases A, B, and C

in radial direction at the specified heights. As can be seen, for all three cases the

grain size is generally a decreasing function of the distance from the centerline of the

billet; although the casting speed is different, the grain size is almost the same in the

locations with the highest risk of hot tearing formation.

The bulk strain and strain rate are defined as the volumetric deformation and the

rate of such deformation. However, the strain rate parallel to the thermal gradient

that causes cracking in the start-up region as explained by the pore fraction model,

is an axial strain rate. Therefore, it is considered that the bulk strain rate is 3× ε̇px;

with such consideration, the variation of the bulk strain rate in radial direction for

the three simulation cases A, B, and C is shown as Fig. 5.17. It can be seen that the

bulk strain rate increases with the casting speed and decreases in radial direction.

Table 5.2: Locations within the billet for which the semi-solid geometries are
generated, x is the distance from the centerline and y is the distance from the

bottom block.

Macro-scale simulation case Location within the billet x (mm) y (mm)

A (66 mm.min−1) X 15 12

B (56 mm.min−1) Y 15 16

C (46 mm.min−1) Z 20 24
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Figure 5.16: Evolution of grain size in radial direction at solid fraction of 0.98 for
the macro-scale simulation cases A, B, and C at the heights specified in Table 5.2.

Figure 5.17: Evolution of bulk strain rate in radial direction at solid fraction of 0.98
for the macro-scale simulation cases A, B, and C at the heights specified in

Table 5.2.
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As explained in Chapter 4, in order to take into account the feedability of the

mushy zone, it is required to calculate the feeding coefficient at the solid fraction

of interest, i.e. gs=0.98. Recalling Eq. 4.26, the feeding coefficient (fl) is a function

of permeability (K), solid fraction (gs), thermal gradient (G), and viscosity of the

fluid (µl). Considering a constant viscosity of 0.0015 Pa.s and a grain size of 220

µm, the variation in the feeding coefficient as a function of solid fraction for thermal

gradients of 2500, 3500, and 5500 K.m−1 is shown in Fig. 5.18. It can be clearly

observed that as the solid fraction increases and the thermal gradient decreases, the

feedability of the mushy zone decreases. Fig. 5.19 shows the variation of the thermal

gradient in radial direction at the specified heights for three simulation cases. It is

clear that the thermal gradient increases with the distance from the centerline at a

given height. The feeding coefficient, thermal gradient, grain size, and bulk strain

rate at the determined locations X, Y, and Z are listed in Table 5.3. The next step

is to generate the semi-solid geometry corresponding to those locations.

Table 5.3: Characteristics of nodes demonstrating the highest deformation pore
fraction at solid fraction of 0.98

Simulation case X Y Z

d (µm) 220 220 220

ε̇v (s−1) 0.0017 0.0015 0.0012

G (K.m−1) 3000 2850 2700

fl (µm.Pa−1.s−1) 0.008 0.007 0.006
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Figure 5.18: Variation in feeding coefficient with solid fraction for thermal gradients
of 2500 K.m−1, 3500 K.m−1, 5500 K.m−1 and a constant grain size of 220 µm.

Figure 5.19: Evolution of thermal gradient in radial direction at solid fraction of
0.98 for the macro-scale simulation cases A, B, and C at the heights specified in

Table 5.2.
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5.4.3 Application to Meso-scale Model

Fig. 5.20 (a) and (b) represent the average stress and the average liquid pressure of

the RVE as a function of strain over the surface x = Lx at solid fraction of 0.98 for

simulation cases X, Y, and Z. As can be seen in Fig. 5.20 (a), the stress increases

with the strain for all three cases until it reaches a maximum value, which can be

called the failure stress, then no further increase is observed in the stress evolution.

Moreover, the strain at which the failure is achieved varies in such a way that for case

X it is almost twice as large as that for case Z. However, the failure stress does not

considerably vary for the three simulation cases.

As illustrated in Fig. 5.20 (b), by applying tensile deformation to the RVE, the

liquid pressure drops from its initial value which is considered to be zero. For each

case, the strain at which the maximum liquid pressure drop and maximum stress are

achieved represents the onset of cracking. For simulation case Z, the crack initiation

happens at a smaller strain but larger liquid pressure drop in comparison to cases

X and Y. This can be explained in terms of the smaller feeding coefficient (fl) used

for case Z, which causes more restricted liquid feeding between the grains and conse-

quently a larger pressure drop as the deformation proceeds. However, since the strain

rate for each simulation case is different, it is not possible to give a clear statement

about the effect of liquid feeding and also strain rate on the tensile behavior of the

RVE.
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Figure 5.20: Simulated (a) stress-strain curves and (b) pressure-strain curves of the
RVE with liquid feeding for simulation cases X, Y, and Z.
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To more clearly demonstrate the tensile behavior of the RVE, the stress-strain and

the pressure-strain curves corresponding to case Y are plotted together in Fig. 5.21.

In addition, the contour maps of the maximum principal strain at three strain values

of ε1 = 0.0133, ε2 = 0.0163 and ε3 = 0.0174, which are defined with red squares in

Fig. 5.21, are shown in Fig. 5.22 (1) , (2), and (3), respectively. In contour map (1),

which is one increment before the maximum stress is achieved, the strain is localized

between the grains, but there is no sign of a crack. The crack initiation and growth

are shown in contours 2 and 3 which correspond to one and two increments after the

maximum stress is obtained, respectively.

Figure 5.21: Simulated stress-strain and stress-pressure curves for simulation case Y.

The increase in the liquid pressure after the maximum pressure drop is reached is due

to the fact that the crack growth causes the associated liquid channel to become dry

and its remaining liquid is sucked into other regions of the RVE. The corresponding
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liquid channel will be eliminated from the fluid flow and deformation calculations of

the next increment.

Figure 5.22: Contour maps of maximum principal strain for three strain values
defined in Fig. 5.21 corresponding to case Y.

To investigate the effect of bulk strain rate (ε̇v) and the feeding coefficient (fl)

on the tensile behavior of the mushy zone, five simulations with a constant grain

size of 220 µm and various ε̇v and fl where performed. The corresponding stress-

strain behaviors are plotted in Fig. 5.23. As can be seen, the decrease in fl and

increase in ε̇v result in a higher resistance to tensile deformation or in other words

higher stiffness. However, determining which parameter controls the tensile behavior

of the RVE depends on their values. A comparison between the green curve (fl =

0.01 µm.Pa−1.s−1 , ε̇v = 0.0017 s−1) and the blue curve (fl = 0.007 µm.Pa−1.s−1 ,
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ε̇v = 0.0012 s−1) indicates that ε̇v is the controlling parameter, while comparing the

green curve with the red curve (fl = 0.007 µm.Pa−1.s−1 , ε̇v = 0.0015 s−1) shows

the opposite. With this information, in Fig. 5.20 (a), fl is the controlling parameter,

meaning that although ε̇v increases with casting speed, the increase in fl results in

lower stiffness for simulation case X with casting speed of 66 mm.min−1.

Figure 5.23: Simulated stress-strain behavior of the RVE for various feeding
coefficients and bulk strain rates.

The tensile behavior of the mushy zone at the location in the billet demonstrating

the highest hot tearing susceptibility according to the pore fraction model for each

of the three simulation cases was investigated. The findings infer that for the most

vulnerable locations the results from the pore fraction model are in accordance with

the multi-scale approach, meaning that crack initiation will occur at locations with

the highest deformation pore fraction. Although a constant grain size of 220 µm was
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chosen for the three simulation cases X, Y, and Z, it generally varies with location

in the billet as shown in Fig. 5.6 (a). To study the role of grain size, a number

of simulations were performed considering a constant fl = 0.007 µm.Pa−1.s−1 and

various ε̇v and d. For each simulation, the stress at fracture was recorded and the

resulting contour map is depicted in Fig. 5.24. It is worth mentioning that large values

for ε̇v were used deliberately to force the crack formation in the RVE. It is clear that

the stress at fracture decreases with grain size. However, for a constant grain size, the

variation in ε̇v does not significantly affect the stress at fracture and such observation

is also confirmed by Fig. 5.20 (a). Hence, it can be deduced that regardless of the

applied bulks strain rate, as the grain size decreases, the crack initiation requires a

larger stress which implies lower propensity to hot tearing formation.

Figure 5.24: Contour map of stress at fracture as a function of bulk strain rate and
grain size for a constant feeding coefficient of 0.007 µm.Pa−1.s−1.
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5.4.4 Hot Tearing Susceptibility Map

As explained so far, the multi-scale approach can provide detailed information about

the mechanical behavior of the mushy zone at different locations and consequently

predict the crack initiation and growth considering the liquid pressure drop between

the grains as a result of deformation. Furthermore, this approach can be used to gen-

erate a map that defines the locations within the billet where hot tearing formation

most likely occurs, which would be beneficial for the aluminum DC casting industry.

Fig. 5.25 shows the hot tearing susceptibility maps generated for the macro-scale sim-

ulation cases A, B, and C. In this figure, the red dots are representative of locations

in which hot tears will possibly form and the rest of the billet colored in gray corre-

sponds to region where hot tears are not expected to form. For the sake of visibility,

only 190 mm of each billet is shown.

Figure 5.25: Hot tearing susceptibility map for simulation cases a) A with casting
speed of 66 mm.min−1, b) B with casting speed of 56 mm.min−1, and c) C with

casting speed of 46 mm.min−1.

96



N.Khodaei McMaster University – Materials Science and Engineering

It is worth mentioning that since the nodal values of temperature, cooling rate, ther-

mal gradient and strain rate were extracted from ABAQUS, hot tearing formation is

examined at the vertices of the rectangular elements (4 mm height × 5 mm width).

As can be seen, the number of red points increases with the casting speed. Therefore,

it can be concluded that the hot tearing propensity of a billet increases with the

casting speed or in other words as the casting speed increases there are more possible

locations within the billet where hot tears can form.

5.5 Summary

A multi-scale approach for simulating hot tearing phenomenon in DC casting of alu-

minum alloys was presented. The novelty of this approach lies in the combination of

the macro-scale simulation of the DC casting process with the multi-physics granular

modeling of hot tearing defect. As discussed in the previous sections, the multi-scale

approach is capable of simulating hot tearing initiation, growth, and propagation

within a representative volume element of the mushy zone. However, most of the

available models in the literature have focused on the hot tearing susceptibility, which

does not give any indication whether or not hot tears will form. According to the

multi-scale approach, hot tearing formation is a function of several influencing and

interdependent parameters. The change of cooling condition experienced by the DC

cast billet as a result of the variation of casting speed as well as non-uniformity of

heat extraction from different locations of the billet affects the deformation state,

cooling rate, and thermal gradient, which further influence the strain rate, grain size,

permeability, and feeding coefficient. Considering all the mentioned parameters, the

multi-scale approach emphasizes the fact that hot tearing is a phenomenon resulting
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from the combination of the tensile deformation and restricted feeding of the mushy

zone. Recent well-known hot tearing models such as the RDG criterion, the dimen-

sionless Niyama criterion, and the pore fraction model also account for the effect of

deformation and liquid pressure drop to predict hot tearing susceptibilities. However,

they are not able to answer the question if hot tears would initiate in intergranular

regions at locations with lower risk of hot tearing formation or not. For instance, the

pore fraction model (Section 5.4.1) reported that along the centerline of the billet, the

locations at 12 mm, 16 mm, and 24 mm above the bottom block for simulation cases

A, B, and C are at the highest risk of hot tearing formation. However, the model

cannot predict if hot tearing occurs for other locations with lower risk of hot tearing

formation. In the multi-scale approach, the pore fraction model is used as an aid to

determine where to start the meso-scale simulations to reduce high computational

costs. From the hot tearing susceptibility map presented in Section 5.4.4, it can be

inferred that hot tearing prediction of the multi-scale approach is in correlation with

the results of experimental and numerical investigations available in the literature

such as the study by M’Hamdi et al. [23] or Jamaly et al. [1], which agree upon the

increase in hot tearing susceptibility as a result of the increase in the casting speed.
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Chapter 6

Conclusion and Perspectives

Hot tearing is a complex defect associated with DC casting of aluminum alloys. Var-

ious mathematical simulations have been performed in the literature to model the

DC casting process and predict hot tearing formation. Due to the large dimensions

of the DC cast billets, the proposed DC casting models in the literature simulate the

process in the macro-scale, then a hot tearing criterion is implemented through post

processing calculations to predict the risk of hot tearing formation. However, since

hot tearing is an intergranular phenomenon, the available models in the literature

could not address the problem of hot tearing properly. In this thesis, a multi-scale

approach for investigating the tensile behavior of different locations of the DC cast

billet at the scale of grains and consequently predict hot tearing formation was de-

veloped. This approach takes into account both the macroscopic aspects of the DC

casting process and the microscopic nature of the hot tearing formation and consists

of two separate models:

1. The macro-scale model: a thermomechanical model of the DC casting process
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implemented in ABAQUS finite element package at the macro-scale to predict

the evolution of temperature, cooling rate, thermal gradient, strain, and strain

rate.

2. The meso-scale model: a coupled meso-scale hydro-mechanical granular model

known as GMS-3D, which consists of 4 separate segments; (1) the solidification

segment, (2) the fluid flow segment, (3) the semi-solid deformation segment,

and (4) the failure segment.

The macro-scale model predicts the evolution of temperature, strain rate, cooling

rate, thermal gradient, and grain size with time at different locations within the DC

cast billet for three different simulation cases with casting speeds of 46 mm.min−1,

56 mm.min−1, and 66 mm.min−1. Then, the output of the macro-scale model was

used as input to the meso-scale model to investigate the effect of different parameters

at both macro and mesoscopic scales on tensile behavior of a representative volume

element (RVE) of the mushy-zone, which lead to the following conclusions:

1. The combination of different parameters determines the tensile behavior of the

RVE. For a constant grain size, as the feeding coefficient decreases and the strain

rate increases, the liquid pressure drop and the resistance to tensile deformation

increases and crack formation occurs at lower strains. For a constant feeding

coefficient, regardless of the applied bulk strain rate, the stress at fracture in-

creases with decreasing the grain size, meaning that as the grain size decreases,

the mushy zone becomes more resistance to hot tearing formation.

2. The tensile behavior of different locations of the DC casting billet was demon-

strated in terms of contour maps of the RVE corresponding to different strain
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values of the stress-strain curve. Such contour maps show the strain localization

between the grains as well as hot tearing initiation, growth, and propagation

within an RVE.

3. Hot tearing susceptibility map was generated to determine the region within the

DC cast billet were hot tearing formation can occur. According to this map,

in the three DC casting simulations performed, the condition for hot tearing

formation was favorable at a few millimeters above the bottom block and near

the centerline of the billet. As the casting speed increases, this region shifts to

lower heights in the billet and a greater region is prone to hot tearing.

Regarding the limitations of the implemented simulation techniques and the re-

sults obtained from this study, the following potential future research directions are

suggested:

1. Modifying both the macro-scale and the meso-scale models will improve the

accuracy of the multi-scale approach. In this regard, including a macrosegrega-

tion model in order to take into account the variation of alloy properties with

composition and considering the effect of cooling rate and chemical composition

on the solidification path in the macro-scale model would be advantageous. In

terms of the meso-scale model, although the corners of the polyhedral grains

have been rounded for grains coalescence, in the fluid flow and deformation cal-

culations they are still edgy; therefore, using smooth grains would enhance the

performance of the meso-scale model.

2. The results of the macro-scale and the meso-scale models have been validated
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against experimental data for aluminum alloy AA5182 and Al-2wt.%Cu, re-

spectively. Therefore, it is suggested to perform X-ray tomography during the

tensile deformation of semi-solid aluminum alloy AA5182 to validate the meso-

scale model for this alloy.

3. Some of the results of the multi-scale approach needs to be validated against

experimental data. For instance, the simultaneous effect of the feeding coeffi-

cient and bulk strain rate in determining the tensile behavior of the RVE or

the result showing that the stress at fracture in the mushy zone at a high solid

fraction with a constant feeding coefficient is only a function of grain size and

independent of the applied bulk strain rate, require further investigations.
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A. The Thermomechanical model of DC Casting Process (The Macro-

scale Model)

The DC casting process of the AA5182 alloy was simulated using an axi-symmetric

fully coupled thermomechanical model realized with the general purpose software

ABAQUS version 2017. The solidification and constitutive models are implemented

in ABAQUS through the user programmable subroutine UHARD. The model was

previously developed by Drezet et al. [75] and Jamaly et al. [1] to which the readers

are referred for further details and references. Although the corresponding ABAQUS

input file and the user subroutine code are not provided in this thesis, they are

available in the repository kept by Dr. André Phillion in the department of Materials

Science and Engineering at McMaster University.

B. The 3-D Coupled Hydro-mechanical Model (The Meso-scale Model)

The 3-D coupled hydro-mechanical model used in this thesis is custom software devel-

oped in C++ programming language by Dr. André Phillion and his former colleague

Dr. Meisam Sistaninia in Computational Materials Laboratory at EPFL University.

The model consists of four separate segments; (I) the solidification segment, (II) the

fluid flow segment, (III) the semi-solid deformation segment, and (IV) the failure
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segment. The input geometry for solidification segment was created using the open

source library Voro++. For the fluid flow calculations, a finite element code which

uses a C++ template library known as IML++, has been written. In order to perform

the numerical simulation of the semi-solid deformation segment, the output of the so-

lidification calculation is translated to a finite element mesh with the aid of a C++

subroutine, which also generate the ABAQUS control file. The semi-solid deformation

simulations is then performed using the commercial finite element package ABAQUS

version 2019. Finally, by considering a failure criterion, the fluid flow segment, the

semi-solid deformation segment, and the failure segment are coupled through pressure

in the liquid and opening at grain boundaries. By using a control file that specifies

the parameters setting, simulation of the uncoupled fluid flow model, the uncoupled

mechanical model, and the coupled hydro-mechanical model can be performed. For

further information about each model, the readers are referred to Refs.[70], [76], and

[74], respectively. Although the simulation code is not provided in this thesis, it is

in the repository kept by Dr. André Phillion in the department of Materials Science

and Engineering at McMaster University.

C. Development of The Pore Fraction Model

Although a full description of the pore fraction model has been given in Ref. [89], the

key equations governing the model are summarized here for the sake of completeness.

The mass conservation equation and Darcy’s law in a control volume which consists

of dendrite arms and interdendritic liquid are expressed as Eq. C.1 and Eq. C.2,

respectively:

div〈ρV 〉 − vT
∂〈ρ〉
∂x

= 0, (C.1)
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Figure C.1: Schematic of a DC cast billet and a 2-D domain of the semi-solid region.

flV1x = −K
µ

dp

dx
, (C.2)

where ρ is the density, V is the velocity , vT = Ṫ
G

is the growth interface velocity in

direction aligned with the thermal gradient, µ is the viscosity, K is the permeability,

and P is the melt pressure. The values inside the notation 〈.〉 are locally averaged

over the solid and liquid phases. Therefore, the average density and the average mass

flow are defined as 〈ρ〉 = ρsfs + ρlfl and 〈ρV 〉 = ρsfsVs + ρlflVl, where fs and fl

are the volume fractions of solid and liquid, respectively. The densities of solid and

liquid, i.e. ρs and ρl are assumed to be constant but not equal. Considering that fluid

moves in direction parallel with the thermal gradient and solid deforms in directions

perpendicular to and parallel with the thermal gradient, Eq. C.1 is expanded as:

∂(ρlflVlx)

∂x
+
∂(ρsfsVsx)

∂x
+
∂(ρsfsVsy)

∂y
= vT

[
∂(ρsfs)

∂x
+
∂(ρlfl)

∂x

]
, (C.3)
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where Vsx and Vsy are the velocity of solid deformation in x and y directions, respec-

tively as shown in Fig. C.1. Assuming that fs and fl only vary along the thermal

gradient (x direction), Eq. C.3 is rewritten as:

∂(ρlflVlx)

∂x
+ (1 + β)

[
Vsx

∂fs
∂x

+ fsε̇px + fsε̇py

]
= vTβ

∂fs
∂x

, (C.4)

where ε̇py and ε̇py are the strain rates parallel with and perpendicular to the thermal

gradient, respectively. The integration of Eq. C.4 over x gives:

flVlx + (1 + β)

[
Vsxfs +

∫
fs(ε̇px + ε̇py)dx

]
− vTβfs = C = −vTβ. (C.5)

After using Darcy’s law to link liquid pressure and velocity, integrating Eq. C.5 from

xfl=flcr to xfl=1 gives:

∆Pcr = (1+β)µ

∫ xfl=1.0

fl=flcr

1

K

[
Vsxfs+

∫
fs(ε̇px+ε̇py)dx

]
dx+vTβµ

∫ xfl=1.0

fl=flcr

fl
K
dx (C.6)

where µ is constant throughout the mushy zone and vT = Ṫ
G

is evaluated at a critical

temperature near the solidus. ∆Pcr corresponds to the liquid pressure drop between

fl = 1.0 and a critical liquid fraction at which liquid feeding ceases (flcr). Since the

temperature gradient, cooling rate, and strain rate are assumed to be constant, the
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integration variable of Eq. C.6 can be changed from position to fraction liquid:

∆Pcr =
(1 + β)µ

G

∫ 1

flcr

1

K

[
Vsxfs +

(ε̇px + ε̇py)

G

∫ flcr

0

(1− fl)
dT

dfl
dfl

]
dT

dfl
dfl+

Ṫ βµ

G2

∫ 1

flcr

fl
K

dT

dfl
dfl.

(C.7)

Introducing a dimensionless temperature, θ = T − Tsol/∆Tf , where ∆Tf is the

freezing range of the alloy and rearranging Eq. C.7, one finally gets:

∆Pcr =
(1 + β)µ∆T 2

f (ε̇px + ε̇py)

G2
Ide +

(1 + β)µ∆Tf ε̇pxλ2

G
Ishε̇ +

Ṫ βµ∆Tf
G2

Ish, (C.8)

Ide =

∫ l

flcr

[
1

K

∫ flcr

0

(1− fl)
dθ

dfl
dfl

]
dθ

dfl
dfl, (C.9)

Ishε̇ =

∫ 1

flcr

1− fl
K

dθ

dfl
dfl, (C.10)

Ish =

∫ 1

flcr

fl
K

dθ

dfl
dfl, (C.11)

where Ide, Ish, and Ishε̇ are associated with the term related to deformation, shrinkage,

deformation-induced shrinkage, respectively. When fluid flow ceases, mass conserva-

tion can be applied to calculate the porosity required to form to feed the remaining

shrinkage:

fp,sh =
β

β + 1
flcr, (C.12)
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the fraction porosity that forms as a result of deformation in directions parallel and

perpendicular to the thermal gradient are defined as:

fp,de,εx =
ε̇px∆Tf

Ṫ

∫ flcr

0

(1− fl)
dθ

dfl
dfl, (C.13)

fp,de,εy =
ε̇py∆Tf

Ṫ

∫ flcr

0

(1− fl)
dθ

dfl
dfl, (C.14)

finally the strain rate induced shrinkage pore fraction can be calculated as below:

fp,shε̇ =
Gε̇pxλ2

Ṫ
(1− fl) =

Vsx
vT

(1− flcr). (C.15)

Therefore, the total deformation pore fraction can be computed as:

fp,sum = fp,sh + fp,shε̇ + fp,de,εx + fp,de,εy (C.16)
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chill aluminium billet casting problem with simultaneous material and interphase

moving boundaries by a meshless method. Engineering Analysis with Boundary

Elements, 30(10):847–855, 2006.

[13] J Sengupta, SL Cockcroft, DM Maijer, and A Larouche. Quantification of tem-

perature, stress, and strain fields during the start-up phase of direct chill casting

110



N.Khodaei McMaster University – Materials Science and Engineering

process by using a 3d fully coupled thermal and stress model for aa5182 ingots.

Materials Science and Engineering: A, 397(1-2):157–177, 2005.

[14] P Pavan Kumar, AK Nallathambi, E Specht, and A Bertram. Mechanical be-

havior of mushy zone in dc casting using a viscoplastic material model. Tech.

Mech, 32(2-5):342–357, 2011.

[15] J Sengupta, BG Thomas, and MA Wells. The use of water cooling during the

continuous casting of steel and aluminum alloys. Metallurgical and Materials

Transactions A, 36(1):187–204, 2005.

[16] Ravindra V Tilak, Rodney W Wirtz, and Ronald M Streigle. Apparatus for

casting aluminum lithium alloys, July 9 2013. US Patent 8,479,802.

[17] A Chaijaruwanich, PD Lee, RJ Dashwood, YM Youssef, and H Nagaumi. Evo-

lution of pore morphology and distribution during the homogenization of direct

chill cast al–mg alloys. Acta Materialia, 55(1):285–293, 2007.

[18] PD Lee, RC Atwood, RJ Dashwood, and H Nagaumi. Modeling of porosity

formation in direct chill cast aluminum–magnesium alloys. Materials Science

and Engineering: A, 328(1-2):213–222, 2002.
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